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ABSTRACT
Three aspects of the mechanical behaviour of 
fast reactor fuel have been studied, two being 
theoretical studies of deformation during opera­
tion and the third an experimental investigation 
of creep in a particular fuel.
a. Thermal stress in fuel pellets
A computer program was constructed to cal­
culate, by a difference approximation, thermal 
stress in finite cylinders for a given tempera­
ture distribution. This was used to describe the 
effect of length to diameter ratio, central hole 
diameter and heat flow conditions, on the stresses 
and surface displacements of fast reactor fuel 
pellets. Estimates of the likely crack behaviour 
of pellets were made and it was concluded that 
cracking would prevent pellet shape changes from 
producing clad ridges. However, under certain 
conditions ridging could be produced by tempera­
ture dependent swelling shape change.
b. Restraint of the swelling fuel by its clad
Mathematical techniques and computer programs
were developed to treat this problem in the radial 
direction for transient and steady state con­
ditions. The programs were then used to derive 
the basic characteristics of fuel pin behaviour, 
to determine the effect of changes in variables, 
and to compare oxide and carbide fuels.
c. Compressive creep of zone refined 
uranium monocarbide
Single crystals and polycrystalline specimens 
of carbon rich and metal rich UG were deformed 
in a vacuum in a compressive creep furnace, in 
the 1000-1300^0 range. Metallography and Laue 
back-reflection patterns were used to aid the 
interpretation of the creep results. A slip 
system of <110>£l11^ type was found to be con­
sistent with the results. Comparison with the 
single crystal results of Bentie et al. (1963) 
indicated that a single creep mechanism, pro­
bably controlled by uranium diffusion, was opera­
ting for carbon rich UC in the temperature range 
1000-2000°C. Creep in metal rich UC is more 
complex, being dependent on grain size and metal 
solubility.
The work described in Chapter 2 was done at the 
suggestion of the Reactor Fuels Irradiation Group,
A.EoR.E., and I am grateful for their interest and help 
with the interpretation of the results.
The development of the computer programs described 
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several Ü.K.A.E.A, establishments, in particular,
Mr. Ro Anders on and Mr. E.P, Hicks of Reactor Fuels Lab­
oratory, Springfields, Mr. J«P, Ellington, C.T.S., Risley, 
and Dr. R. Bullough, A.E.R.E.
Mr. J.To Dalton, with the assistance of Mr, R.W. 
Stannard and Mr, K, Boult, supplied the zone refined UC 
specimens cut to shape, I would also like to thank 
Mr, Dalton for his interest in the work and many helpful 
suggestions.
Immediate supervision of the work was given by 
Mr, H, J. Hedger, who I must particularly thank for his 
encouragement and for advice on the choice of numerical 
methods and interpretation of results, I am grateful to 
Dr, L.E, Russell for permission to submit this work as a 
thesis, and for discussion, particularly on general aspects 
of interpretation, I would like to thank Dr, A,G, Crocker, 
who as University Supervisor, gave constant encouragement 
and provided many useful suggestions on the interpretation 
of the UC deformation study.
Finally, I would like to thank my wife, Diana, for 
preparing the draft and final copies of this thesis.
CONTENTS 
CHAPTER 1 INTRODUCTION
1 .1 Nuclear Reactors 1
1 .2 The Fast Breeder Reactor 2
1.3 The Prototype Fast Reactor (PFR),
Dounreay 3
1 .4 Fuel Behaviour 5
1.5 Carbide Fuels 8
i .6 The Present work 8
CHAPTER 2 THERMAL STRESS IN UNCONSTRAINED 
FINITE CYLINDERS
2.1 Introduction 10
2.1.1 Thermal Gradients & Thermal
Stress 10
2.1.2 Analytical Solutions 12
2.1.3 Numerical Solutions 14
2.2 Finite Difference Method 15
2.3 Results 17
2.3.1 Surface Displacements 18
2.3.1a Solid Cylinders 18
2.3.1b Hollow Cylinders 21
2.3.2 Pellet Stress 25
2.3.2a Solid Pellets 25
2.3.2b Hollow Pellets ' 30
2.3.2c Pellet Cracking 33
2.4 Discussion 36
CHi-iPTER 3 THE MECHAi^TCAL INTERACTION OF A 
SWELLING FUEL %7ITH ITS CL/iD
3.1 Introduction 39
3.1.1 The Problem 39
3.1.2 The Approach to the Problem 4l
3.2 Mechanics of Creep and Swelling 4i
3.3 Steady State Calculations 45
3.3.1 Method of Solution 45
3.3.2 Programming the Solutions 49
3.3.3 Application of Steady State
Calculations 51
3.3.3b Fuel Properties 57
3.3.3c Fuel Dimension and Voidage 60
3.3.3d Total Fuel Pin Behaviour 63
3.4 Transient Calculations 66
3.4.1 Method of Solution ' 67
3.4.2 Application of Transient
Calculations 71
3.4.2a Time to Equilibrium 71
3.4.2b Clad Deformation 73
3.4.3 The Disadvantages of the Present
Method of Solution 76
3.5 Discussion 82
3*5.1 Alternative Methods of
Transient Solution 82
3.5.2 Fuel Crack Closure 84
CHAPTER 4 CREEP OF URANIUM MONOCARBIDE
4.1 Introduction 86
4.1.1 The Structure of Uranium Mono-
carbide and Related Phases 87
4.1.2 Creep in Polycrystalline UC 90
4.1.3 The Slip System in UC 91
4.1.4 Diffusion in UC 94
4.2 Experimental Techniques 99
4.2,1 Specimen Preparation 99
Page
4*2.2 Ore-ep Apparatus 100
4*2.3 Specimen Examination 104
4.2*4 Procedure and Interpretation 105
4*3 Results 106
4.3.1 Structure before Deformation 106
4*3.2 Secondary Creep in Carbon Rich
UC 116
4.3.3 Secondary Creep in Metal Rich
UC 121
4*3.4 Primary Creep 128
4*3.5 Structure Changes after
Deformation 133
4*4 Discussion 14l
4.4*1 Slip Systems 141
4.4.2 Secondary Creep in UC 142
CHAPTER 5 GENERAL DISCUSSION
5*1 The Mechanical Behaviour of Carbide
Fast Reactor Fuel 149
5*1.1 Creep Deformation of Carbide
FueIs 149
5.1 .2 Carbide Fuel Compared to
Oxide Fuels 1 51
5.2 Fast Reactor Fuel Pin Calculations 151
5*2.1 The Relative Effect of Fuel
Variables 151
5*2.2 The Prediction of Fuel Pin
Failure 152
5*2.3 Data Evaluation 153
5*2.4 Towards a Complete Fuel Pin
Mechanical Model 154
5*3 Conclusions 155
References 158
Appendix A The Extension of Anderson’s
Model for the Axial Extrusion
of a Swelling Fuel Ai
A.1 Annular Fuel A2
A,2 Vibro-compacted Fuel A4
Appendix B Materials Properties Data
for Calculations B1
B«1 Fuel B1
B.2 Clad B6
B.3 Fuel-clad Interface B7
Appendix C Stress Directed Diffusion in UC C1
ILLUSTRATIONS
1.1 Cross section of a typical oxide fuel
pin showing internal structure. 7
1.2 Cross section of a carbide fuel pin,
note absence of columnar grain region, 7
2.1 An exaggeration of the surface dis­
placements on the upper half of cylinders
of tv70 aspect ratios, 19
2.2 The effect of length to diameter ratio
on the radial displacement of the outer 
surface of a solid cylinder. 20
2.3 An exaggeration of the surface dis­
placements of a hollow cylinder, heat
flow Case a, a^/b^ = 0.2 and h/b = 1 , 20
2.4 The distribution of radial stress in a
solid cylinder. 26
2.5 The distribution of tangential stress
in a solid cylinder. 26
2.6 The distribution of axial stress in a
solid cylinder. > 27
2.7 A map of the principal stresses on the
lower right quadrant of a section through 
a solid cylinder. 27
2.8 The variation with aspect ratio of (T 
at the centre line and CT = at the 
centre of the end faces of a solid 
cylinder, 29
2.9 The variation with aspect ratio of (T^ 
on the rim and centre line of a solid 
cylinder. 29
2.10 The variation with aspect ratio of the 
main surface stresses in a hollow cylin­
der, a^/b^ =0.2. 31
2.11 The effect of heat flow ratio between 
outer and inner surfaces on the tan­
gential stresses of a hollow cylinder,
= 0.2. 34
3.1 Plot of contact pressure against clad 
temperature for an oxide fast reactor
fuel pin. T^3
3.2 Plot of contact pressure against clad 
temperature for a carbide fast reactor
fuel pin. 53
3.3 Variation of hoop stress with fuel 
position for an oxide fast reactor
fuel pin. 55
3.4 Variation of hoop stress with fuel 
position for a carbide fast reactor fuel
pin. 55
3.5 Plot contact pressure against clad 
temperature for oxide thermal case. 56
3.6 Plot of contact pressure against clad 
temperature for carbide thermal case. 56
3.7 Effect of fuel-clad interface thermal 
resistance and fuel thermal creep for
oxide fuel. 59
3.8 Effect of fuel irradiation creep for
oxide fuel, 6l
3.9 Effect of fuel radius on fuel pin stresses
for oxide fuel. 6l
3o10 Effect of clad swelling and creep on
the fuel pin stress for carbide fuel, 64
3.11 Effect of clad swelling and creep on
clad displacements for carbide fuel, 64
3.12 Clad strains in a real fast reactor
fuel pin irradiation. 65
3.13 Flow chart of time dependent solution
in CYLINDo ' 70
3.14 Variation of contact pressure with time 
from transient and steady state calcula­
tions. 72
3.15 Clad stresses from variable sources. 75
3.16 Flow chart of LIFE type time dependent
solution for use in CYLIND. 81
4.1 The section of the uranium-carbon phase
diagram close to uranium monocarbide, 88
4.2 Comparison of secondary creep rates of
p
UC for a compressive stress of 20 MN/m , 93
4.3 Comparison of the carbon and uranium
self diffusion coefficients from various 
sources. 96
4.4 Schematic diagram of compressive creep
furnace. 101
4.5 Typical area of batch RS 13. 109
4.6 Typical area of batch RS 15. 109
4.7 Uranium precipitates in batch KB 20. 110
4.8 Electron micrograph,showing uranium
precipitates in association with dis­
locations. 110
4.9 Etch pits between UCp platelets in
batch RS 13. 112
4.10 Etch pits forming subgrain boundaries 
running through UCg platelets in batch
RS 15. 112
page
4.11 Subgrain boundaries on a cleaved sur­
face of UC with no visible second
phases, 114
4.12 Subgrain boundaries on a polished
surface in UC. 114
4.13 Etch pits along UCg platelets in batch
RS 13. 115
4.14 Etch pits under a hot hardness indent, 115
4.15 Plot of inverse temperature against
corrected strain rate for carbon rich 
crystals from batch RS 15. 120
4.16 Plot of inverse temperature against 
corrected strain rate for metal rich 
specimen nos. 12 and 13. 125
4.17 Plot of inverse temperature against 
corrected strain rate for metal rich 
specimen no, 15. 126
4.18 Comparison of the activation energies 
and strain rate of metal rich specimen 
nos, 12-17.
4.19 Primary strain in carbon rich single 
crystal no. 6, 129
4.20 Primary strain in grossly metal rich 
polycrystalline specimen no, 1 0. 31
4.21 Primary strain in metal rich specimen
no, 15, 132
4.22 Corner of a deformed crystal [lOO] 
parallel to the compression axis from
batch RS 13. 134
4.23 Structure of crystal no, 1 after deforma­
tion, showing etch pits forming subgrain 
boundaries, 134
4.24 Structure of crystal no, 5 after def­
ormation, showing low etch pit density. 135
Page
4.25 Structure of crystal no, 7 after 
deformation showing high etch pit
density and slip traces. 135
4.26 Back reflection patterns on carbon rich
UC before and after deformation. 137
4.27 Subgrain boundary concentration adjacent 
to a corrugated grain boundary in poly­
crystalline deformed carbon rich UC. 138
4o28 Precipitate patterns in deformed metal
rich UC. 138
4.29 UCp precipitating on subgrain boundaries
in an oxidised polycrystalline carbon
rich UC specimen. 140
4c30 Comparison of the results of the
present work with those of Bentle and 
Killey. 143
B,1 Variation of swelling rate with tem­
perature at 5 X 10^ MWd/t burn-up. B5
TABLES
Table
2.1 The effect of length to diameter ratio 
on the rim-to-centre radial displace­
ment differences in a hollow cylinder,
2 2where a /b = 0.2 for various types of
heat flow. 23
2.2 The effect of central hold radius on the
rim-to-centre radial displacement differ­
ences for a constant length to diameter 
ratio unity. 24
2.3 The effect of the internal radius on 
the tangential stress on the outside
surface for infinite cylinders. 32
4.1 Creep properties of polycrystalline UC. 92
4.2 Diffusion in uranium carbide. 95
Table Pag<
4.3 Carbon content of specimens « 107
4.4 Steady state creep rate in carbon rich
UC single crystals. 117
4.5 Results of stress increments for
carbon rich crystals. 119
4.6 Steady state creep rate in metal rich
UC specimens. 122
4.7 Results of stress increments for metal
rich specimens. 124
CHAPTER 1 INTRODUCTION 
1o1 Nuclear Reactors
A nuclear reactor is a device for producing continuing 
controlled nuclear fission. Nuclear fission is the process 
when either spontaneously or by stimulation by a neutron 
a nucleus splits into two nuclei of lower atomic weight. 
Accompanying the process is the release of the difference 
in binding energy of the fissile nucleus and its fission 
products and also the emission of two or three neutrons.
The energy is mostly in the form of kinetic energy of the 
fission fragments and is transferred to the surrounding 
material by collisions and ionisation until it is 
dissipated as heat.
In a nuclear reactor a quantity of fissile atoms are 
arranged so that the number of neutrons lost from the 
assembly and absorbed during fission and by other non- 
fissile atoms equals the number of neutrons produced during 
fission. Fission is then a self-sustaining process, but 
care must be taken to design a stable and controllable 
structure. \
In practice a reactor is complex. The fission energy 
must be removed by some form of cooling. The fuel is usually 
isolated from the coolant by a clad, v/hich also contains 
the volatile fission products and holds the fuel in shape.
The neutrons emitted during fission have energies of several 
MeV. The probability of fission occurring, however, is 
much larger at lower energies, in the thermal range of a 
few eV. In thermal reactors the fuel is dispersed in a 
Êiiass of low .atomic weight ‘atoms (the moderator), such as 
hydrogen, deuterium, beryllium or carbon, which slows the 
neutrons by elastic collisions, but has low probability of 
neutron absorption. This allows fuels with low fissile
—  1 —  .
densitLes to be used sued as natural uranium oi* urcimuiu
slightly enriched with U
Because of the low probability of neutrons interacting
with the nuclei of the moderator they must travel 5-20 cms
before reaching thermal energies. A thermal reactor is by
nature bulky. The low fissile density results in low power
densities and total energy production from the fuel. By
decreasing the size of the reactor, increasing the power
density, and increasing the end of life burn-up (total
energy produced per unit mass usually expressed in units
of M¥i/d/t) considerable savings in capital and running costs
of a power reactor can be made. To facilitate this,, thermal
reactors with each succeeding generation of design have
increased the fissile density of the fuel. The natural
extension is to increase the proportion of fissile atoms
still further until no moderator is required and the reactor
operates solely with fast neutrons.
1 .2 The Fast Breeder Reactor
Linked closely with the concept of power fast reactors
is the possibility of ’breeding’ fissile nuclei from non-
fissile, i.e. creating more fissile material than is needed
to sustain the reactor. The only major fissile species
found in nature is which forms 0.7% of natural
258 258uranium. The isotopes U and U are expensive to
separate because of the small differences in atomic weight,
so there is a considerable advantage in using natural or low
238enrichment uranium. At fast neutron energies U can
fission but in the range of fast to thermal neutrons the
absorption of neutrons by this isotope predominates. The 
259isotope U formed by this process decays by beta particle
259 259emission, via Np to the fissionable isotope Pu
This process occurs in thermal reactors and the plutonium
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can be comparatively easily extractea rrom tne uranium.
There is a similar process involving the creation of fiss-
houi
239
255 252ionable U from non-fissionable Th but alt ugh con­
sidered it is not yet a serious contender to Pu
259 258Pu has some advantages over U as a fuel; the
former releases on average about 3 neutrons per fission
compared to 2,3 for the latter. At thermal neutron 
259energies Pu has a larger fission cross section than 
258 259U 5 but Pu also has a neutron capture cross section 
comparable to its fission cross section and forms the 
unfissionable isotope Pu^^^. At fast neutron energies both 
the fission and capture cross section are reduced, but on
259
balance fission becomes more important, so Pu is best 
used as fuel in fast reactors.
A picture of a fast breeder reactor now emerges. The
259 258fuel is a mixture of fissionable lii with fertile U ,
258surrounded by the breeder consisting of U and this is
also enclosed by a moderating material such as graphite
which acts as a reflector for the neutrons. If the
neutron economy is good, i.e. losses out of the reactor
and absorption by structural materials are kept low, such
259 258a reactor will generate more Pu from U than it uses,
1.3 The Prototype Fast Reactor (PFR), Dounreay
In designing a power reactor out of the concepts 
described above, the various national efforts, in Great 
Britain, USA, USSR, Japan, Germany and France, have come 
to the same conclusions, Bach of the reactors envisaged 
will have a fuel and cooling system similar to the fi'BSt 
reactor of-tliiô b^ pu Lu bu euiiu Li ue Ccd ^ the PFR at 
Dounreay, which is due to go critical in 1972.
A description of the PFR is given by Frame et al, 
(1966) and ICronberger^ (1968). The fuel is an alloy of
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than a metallic alloy, because of the low melting point of
the metal and the problem of phase stability. The fuel, in
the form of sintered granules or cylindrical pellets, is
loaded into cylindrical stainless steel sheaths 5,08 mm
diameter and 0.381 mm wall thickness. The fuel column is
91.3 cm long and has 12.3 cm of fertile material introduced
at each end as an axial breeder. This large length to
diameter ratio of the fuel is to provide a large surface
area for the removal of heat. The fuel will have an average
9 -5power density of 1.3 x 10 W m and maximum power density
of 2.6 X 10^ Yi/ m” ,^ compared with the range 0.1-0.3 x 10^
-5W m for the more advanced thermal reactors, A highly 
effective coolant is required for such high power densities 
and this is provided by liquid sodium at a temperature of 
400^0 at the reactor inlet and 600°G at the outlet.
At the present time data is being accumulated on the 
likely behaviour of the fuel in PFR, with simulated irradia­
tions in the Dounreay Fast Reactor (DPR)• The neutron 
fluxes will be 2 to 3 times higher in PFR than in DFR, so
to attain the same fuel power densities in the irradiation 
a p:
^33
258experiments, roportion of the li in the fuel must be
replaced by U
Commercial rather than experimental fast reactors will 
have slightly higher neutron fluxes than. PFR and hence will 
need a lower fissile density, 13-20% PuOp, to maintain the 
same power densities. To be economically viable fuel burn- 
up s of 3 X 10^ MWd/t will be required, but preferably as 
high as 10^ MWd/t. The future of fast reactor development 
depends on the ability of the fuel of the PFR or later 
experimental fuels to reach these burn-ups without 
failure,
—  4 —
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The two most important factors which influence the fuel 
behaviour are fuel swelling and the large thermal gradient 
across the fuel. The combined volume of the fission pro­
ducts is approximately twice the volume of the fissioned 
material. This means that for the fuel to reach 5 x 1 0 ^  
ivlV'/d/t a volume increase of 6% at least must be accommodated. 
In practice the volume increase is greater, because a large 
proportion of the fission products are noble gases, that 
form bubbles which grow by the absorption of vacancies.
This process is limited by the release of the gas, from 
various processes. However, these released fission gases 
themselves must be contained, to avoid contaminating the 
coolant, and a free space, called a plenum, is provided 
at the cold end of the pin to limit the internal gas 
pressure.
One method of accommodating fuel swelling is to make 
the fuel pin clad soft enough to deform radially outwards. 
There are two disadvantages in doing this. There arc not 
many materials which are ductile enough to take 10% or more 
strain without rupture and most materials lose ductility 
from radiation damage. If the method succeeded, large 
unproductive gaps would have to be left between fuel pins, 
for the coolant channels not to be blocked. These gaps 
would also lead to unfavourable heat transfer to the coolant 
at the start of pin life.
The method usually adopted is to accommodate the fuel 
swelling within the fuel. This can be done by leaving a gap 
between pelleted fuel and the clad, which will be discussed 
in the next section. The voidage can be in the form of a 
central hole in pelleted fuel. Alternatively a vibro- 
compacted fuel (fuel granules packed by vibration) can be
-  3 -
In the last two cases the clad must be strong enough to 
restrain the fuel swelling and redirect it into the voidage.
It will be seen later that the stresses required to 
constrain the fuel are not large enough for non-activated 
yield to occur in either the fuel or the clad. The only 
exceptions to this are in unusual operating conditions and 
during accidents. Thermal and irradiation creep will be 
the operative types of deformation in both fuel and clad.
In addition the clad also swells, a phenomenon only recently 
discovered and unknovm in thermal reactor experience 
(Cawthorne and Fulton, 1967)0
There are two phenomena which are produced by the
large radial temperature gradients in the fuel caused by the
high power densities. The first, which occurs in both vibro-
compacted and solid sintered pellet fuels, is the migration 
up
of porosity mesm the temperature gradient to spontaneously 
form a central hole. This has been shown, in out-of-pile 
simulations, to occur within a few hours of operation 
(Freund and Sari, 1970) and is accompanied by restructuring 
of the grains in the fuel. Fig. 1.1 shows an oxide fuel 
with a central hole surrounded by a region of columnar 
grain growth, in turn surrounded by equiaxed grain growth, 
the original grain size is seen only at a narrow outside 
ring. Carbide fuel, because of its lower centre tempera­
ture, does not show the columnar grain growth, but the 
other characteristics can be seen in Fig. 1.2.
The second phenomenon occurs only in pelleted fuels 
which are subjected to thermal stresses that must accompany 
the thermal gradient. These thermal stresses are so large 
that the fuel pellets crack extensively as can be seen in 
both Figs. 1,1 and 1.2.
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columnar 
groin growth
equicxcd
grain growth
central
void
V undisturbed 
region
Figure 1 .1 Cross Section of a Typical Oxide 
Fuel Pin showing internal structure.
Figure 1 ,2 Cross Section of a Carbide Fuel Pin, 
note absence of columnar grain region.
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Although (U,Pu)Op has been chosen as the first type 
of fast reactor fuel to be trie A by most countries, fuels 
based on uranium monocarbide and mixtures of carbide and 
nitride are also being considered. Carbides have many 
favourable properties. The thermal conductivity of 
carbide fuels is almost an order of magnitude greater than 
oxide fuel, allowing higher power densities and fuel dia­
meters for the same fuel centre temperatures as for oxide.
1.6 Also the density of metal atoms in carbide fuel is 
greater than for oxide and carbon has a comparable neutron 
capture cross section with oxygen. Thus for the same opera­
ting conditions a carbide fuel should have a better neutron ' 
economy than an oxide. Provided a comparable burn-up can 
be reached a carbide fuel is therefore preferable.
Associated with carbide fuel is the sodium-bonded fuel 
design. This relies on the fuel not being constrained by 
the clad, by providing a difference in fuel and clad diameter 
sufficient to accommodate the swelling. The fuel tempera­
ture is kept low by filling the space with sodium to improve 
heat transfer.
1c6 The Present Work
A mathematical method for describing the mechanical 
behaviour of a fast reactor fuel pin is useful in three 
ways :
i. To extrapolate and interpolate irradiation 
experiment data in experimental fast 
reactors to the conditions likely to be 
found in power fast reactors, 
iio To aid the interpretation of data obtained
by post-irradiation examination of fuel pins, 
iii. To augment irradiation experiments, covering
—  8 —
economically be practicable in irradiation 
experiments.
In addition to a method of analysis,, reliable mechanical 
properties and swelling data are required for both fuel 
and clad, or the results are meaningless.
The following aspects of these problems are included 
in the scope of this thesis.
An analysis of the behaviour of fuel pellets in 
thermal stress, in order to describe the shape 
changes and likely crack distributions.
The development of methods to describe the 
interaction of the swelling fuel with its clad 
and to justify the assumptions made in the methods. 
The use of the calculation methods to give the 
effect of uncertainty in fuel mechanical pro­
perties data on the predicted fuel behaviour.
— The comparison of the likely mechanical beha­
viour of carbide and oxide fuels.
An investigation of the thermal creep properties 
of pure uranium carbide in the range close to 
monocarbide composition. This work is to aid 
the understanding of thermal creep in carbide 
fuel and perhaps suggest means of improving the 
mechanical properties.
-  9 -
2 ci Introduction
Fast reactor fuel is often in the form of a stack of 
short cylindrical sintered pellets in a metal sheath. Such 
pellets are usually not longer than i ,5 times their dia­
meter, On reactor start-up there will be a gap between the 
pellet and its clad. This Chapter is concerned with the 
thermal stresses set up in the pellets at the start of the 
fuel element life. The weight of the pellet stack is insig­
nificant compared to the thermal stresses so the problem can 
justifiably be idealised to the case of an unconstrained 
heat generating cylinder, which loses heat radially out­
wards o
In the present work the finite difference technique was 
chosen. Other techniques will be compared with finite 
differences and results relevant to fast reactor fuel opera­
tion will be discussed.
2.1.1 Thermal Gradients & Thermal Stress
The ceramic materials used for fast reactor 
fuels are polycrystalline, so thermal and mechanical 
properties are isotropic. In estimating the tempera­
ture distribution in a pellet, the thermal 
conductivity k of the fuel material is assumed constant 
with temperature and the power generation density R 
is assumed constant with position. Under these 
conditions the temperature at any position r in a 
cylinder inner radius a and outer radius b is given 
by:
T(r) = T(b)+E[2a^ln(r/b) + b^-r^]/4K (2.1 )
when heat is removed only from the surface radius 
bo A typical temperature difference between radius a 
and b for an oxide pellet under fast reactor
—  1 0  —
difference along the same pellet would be less than 
2°C, so the case of radial heat flow is a good 
approximation.
Temperature gradients produce thermal stresses. 
In an axisymmetric system four stress components are 
possible, three components normal to the cylindrical 
polar axes, cr^ , cr^ and cr^ , and the shear com­
ponent U p). At a point in the system with
temperature T, the stress components are given by 
[ V (e^+ Cg + e^) -a(l +v)(T- T^)]/
( l - 2 v ) (2.2)
where the subscript k refers to any of the direc­
tions r, 6 or z, T^ is a reference temperature, 
usually the lowest temperature in the system, and 
a is the linear coefficient of expansion for the 
temperature interval T to T^. Derivations of the 
relationship between stress and temperature can be 
obtained by a variety of methods (Hoyle, 1964;
Biot, 1956; Parkus, 1964).
The elastic strains e^  ^and e in Bq, (2.2) are 
constrained by their relationship to the two 
allowable, displacement components, in the radial 
direction u and the axial direction w:
= li, eg = = H  and = & ( #  + #). (2.3)
In addition the stresses must obey the stress 
equilibrium condition: the divergence of the stress
tensor must be zero. This gives two equations, 
the radial
Ô C T  Ô C T  cr -  cr^r rz r
ôr * âz r
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= 0 (2.4)
and the axial 
'9 O' dry cr
= (2.5)
If the strain components in Eg. (2.2) are 
replaced by the appropriate displacement relations 
(2,3) and when stress is eliminated from the eguili- 
brium equations (2.4) and (2.3), a pair of second 
order differential equations, the Lame equations, 
is obtained.
or r z
(2.6)
= 2a ( 1 + V ) "—
20 - 0 _ 2V)A + 1 1^)
92 9 r
= 2a (1 + V )|“ c
Further differentiation and factorisation will 
produce two independent fourth order equations for 
u and w. Alternatively the equations (2.6) may be 
separated using stress functions such as those des­
cribed by Love (1944), Youngdahl (1969) and Horvay 
and Mirabel (1958).
2.1.2 Analytical Solutions
Analytical solutions of Eg. (2.6) can be 
obtained easily directly or by the use of one of the 
stress functions. Two types of solution have been 
used: polynomial solutions, and zero and first
order Bessel functions for the radial behaviour plus 
exponential functions for the axial behaviour.
The Bessel function solutions can be fitted to the 
boundary conditions in two ways; 
i. Finding complex roots for (3 in expressions
such as ^  [A^  J^ ([3r) + A^rJ^ (|3r) ]exp((3z), to
“ 12 —
îD C lb J -ÎD X ^  U liC / U U  U J.lb lC U .\y u J. wxxkj v /ix  u xx^
curved surface, 
iio Using ordinary and complex Bessel functions
separately and fitting the boundary conditions 
to solutions of the type
Z[A J (ar) + AprJ. (ar) ] cosh(az) ^  Z [B. I (f3r) 
a ' ' P
+l^rI^(pr)]cos(|Bz)
where a and p are both real.
The various types of solution have been known 
for many years (Filon, 1902) but there has been • 
difficulty in applying them to finite cylinder pro­
blems with realistic boundary conditions. The first
attempt to solve the specific problem of thermal
stress in a solid finite cylinder was by Murray 
(1945), who used the solution type (i). The com­
plexity of the problem forced him to use the two
lowest solutions for p, with the penalty of being 
only able to match the cylinder end surface boundary 
conditions approximately. The same type of solution 
v/as later used more rigorously by Horvay et al,
(1959)5 by using a variation principle. This 
solution, however, was restricted to the behaviour 
near the end of a semi infinite cylinder.
Veeder (1967) used the Rayleigh-Ritz method to 
fit polynomial solutions for thermal stress in both 
solid and hollow finite cylinders. The results did 
not produce a smooth variation of stress values on 
varying the cylinder length to diameter ratio, because 
too few terms were taken in the polynomial series.
The problem was finally rigorously solved for 
solid cylinders by Valentin and Carey (1970), using
-  13 -
expanded as Fourier series and the modified Bessel 
functions were expanded as series in ordinary 
Bessel functions. These expansions enabled the 
boundary conditions to be fitted by Fourier-Bessel 
series. It must be noted that the solutions are 
extremely complicated and at least 20 terms are 
required in the Fourier-Bessel series for 
reasonable accuracy.
2.1 ,3 Numerical Solutions
Two numerical techniques in thermo-elasticity 
are suitable and have been used in axisymmetric 
systems; finite differences and finite elements.
The first method involves approximating the 
differential equations (2.6) or their equivalents 
in terms of stress functions and the boundary con­
ditions, by difference expansions taken at points on 
an array lying in an r-z section of the system. The 
difference equations form a set of linear equations, 
which can be solved by a sparse matrix algorithm 
or a relaxation technique. Finite elements also 
require an array of points, called nodes, but these 
define the corners of elements, usually triangular, 
within which properties and conditions are assumed 
constant. As with finite differences a set of 
linear equations is obtained, but this time by 
ensuring continuity of properties from one element 
to another at the nodes and by employing a varia­
tional principle, e.g. principle of virtual work.
Both techniques are suitable for use by com­
puter, being built up of repetitive units, and are 
faster than analytical solutions when the stress
-  14 -
For example, Valentin and Carey (1970) quote com­
puting times of 2 minutes to describe the stress 
and displacement components on a grid of 126 points, 
using their analytical method. The author has 
found, using finite differences on a computer of 
the same type times of 10 secs for a grid of 100 
points. When matrix techniques are used there is 
the additional advantage, that the stored triangulated 
matrix can be used to calculate different conditions 
of heat flow or other variables provided the boun­
dary geometry is unchanged, which leads to a further 
reduction of computing time per case. These 
advantages make numerical solutions more favourable 
for the routine calculation of fuel pellet beha­
viour.
The finite difference technique is easier to 
formulate and program for simple boundary conditions.
With finite elements, however, a wider range of 
boundary shapes is pcs sible and if more time had 
been available this technique would have provided a 
more general program. Once finite differences had 
been chosen an iterative type of solution was tried 
but it was soon found that instability and length of 
running time favoured matrix tecliniques,
2,2 Finite Difference Method
It was decided to solve for the two displacement compon­
ents directly in order to retain physical meaning and because 
stress functions did not have any obvious advantages. This 
meant that Eq„ (2.6) had to be solved simultaneously.
Symmetric differences of no higher than second order were chosen
-  15
used are given below:
(?i) =
2
(LJ.) _ &x) + 0(x - 6x) - 20(x)
\ o  J ~  9
ax^ ôx^
\ _ (2f(x+5x.y-f-6y) - (0(x-6x.y+ôy) + gf(x-ôx.y-ôy) - 
 ^9x9 y/ - 4ôxôy
where x and y are two orthogonal directions, and 0 is any
scalar function. All three of the above expressions have
2residuals proportional to 6x .
A rectangular mesh was chosen with constant spacing 
between points in both the r and the z directions. When the 
difference expansions were inserted into Eq, (2.6), a sot of 
linear equations was formed, which when written as a matrix 
consisted of three bands of width 7; a central diagonal band 
with two side bands spaced on each side by twice the number 
of radial points on the mesh. At the boundaries the 
difference equations produce a border of redundant mesh points 
outside the boundary, these could have been dealt with by 
either including them in the matrix as fictitious points 
using the boundary conditions or using the boundary conditions 
to eliminate the points. The latter was chosen.
As the problem of a traction free cylinder has symmetry 
in both the r and z directions, only one quarter of the 
cylinder section was considered, that bounded by the line 
r = 0 and the bisecting plane normal to the z direction.
Thus the boundary conditions on the plane of symmetry z = 0 
are, w = 0 and is antisymmetric about the boundary, and u 
is symmetric. In the case of a solid cylinder at r = 0, 
u = 0 and is antisymmetric about the z axis and w is symmetric, 
At the other boundaries, two for a solid cylinder and three 
for a hollow cylinder, the difference expansions of the
-  1 6 —
used. It was also convenient to use the fact that the 
gradients of the tractions parallel to the boundaries are 
also zero. At the corners,where 8 conditions had to be used 
for each mesh point,elimination was complicated, but the 
result was a more compact program and faster running than 
would have resulted from the use of fictitious points.
A computer program was written in Fortran IV for an 
IBM 360/75 computer. The linear equations were solved for u 
and w at each mesh point using a double precision version of 
a band matrix algorithm MA07A from the Harwell Subroutine 
Library, This algorithm uses Gaussion elimination and stores 
the triangulated matrix for future use.
The four stress components are calculated at each mesh 
point from u and w using the difference expressions. One 
version of the program incorporates a subroutine written by 
H, J, Hedger which plots a map of the principal stresses,
A mesh of 10 points in both the r and z directions was 
normally used. However, some local instability was found at 
specific values of cylinder length to diameter ratio, so 
results were checked with a 20 x 20 mesh.
Errors in stress and displacement values were greatest 
at the cylinder ends where the axial components of the gradients 
are greatest. The uniform spacing of the grid points limited 
the maximum cylinder length to diameter ratio to 2, Longer 
cylinders could be analysed by decreasing the mesh spacing 
near the cylinder ends, in such a meinner as to match mesh 
spacing to displacement gradient.
2,3 Results
The computer program was used to calculate the effect on 
the pellet surface displacement and stress of pellet length 
to diameter ratio and central hole diameter in hollow pellets,
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surface of hollow cylinders was also studied. All the results 
quoted are for Poisson’s ratio 0.3.
2.3.1 Surface Displacements 
2.3.1a Solid Cylinders
The profiles of solid cylinders with length 
to diameter ratios 0.5 and 2.0 are represented in 
Pig. 2.1 . The main features of the pellet shape are: 
the doming of the cylinder end faces, the large radial 
displacement of the cylinder rim relative to the cyl­
inder centre line, and for length to diameter ratios 
(h/b) greater than 1.5 a slight radial bulge at 
the centre line. The centre line will be defined 
as the circle on the outer curved surface which is 
mid way between the end faces.
The main features of the pellet shape were 
described by Murray (1945), but he predicted the 
centre line bulge to be larger. The outlines in 
Pig. 2.1 are in agreement with Valentin and Carey 
(1970).
Infinitely long cylinders (plane strain case) 
and thin discs (plane stress case) have radial dis­
placements of u^ z= ab^R/8k on the outer surface.
The displacement values quoted below will be expressed 
in units of u^. Pig. 2,2 shows the deviations from 
u^ of the centre line and the rim displacements, 
v/ith varying length to diameter ratio. The centre 
line displacement approaches u^ for large and small 
values of length to diameter ratio. For large values 
of h/b the radial displacement of the rim approaches 
a value of 0.395u . There is a maximum in the 
difference between rim and centre line displacements
—  18 —
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h/b =
Figure 2,1 An exaggeration of the surface displacements 
on the upper half of cylinders of two,aspect ratios.
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solid cylinder.
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Figure 2.3 An exaggeration of tlie surface displacements 
of a hollow cylinder, heat, flow Case a, a^/b^ = 0.2 
and h/b = 1.
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The difference between the axial displacement 
of the pellet rim and the centre of the end face 
approaches  ^.6u^ for large h/b,
The shape of thermally stressed solid cylinders 
described above has two important effects on the 
behaviour of the fuel stack.
i « The length of the unconstraine d fuel 
stack is increased by having pellets 
of finite length. The length increase 
is approximately 2u^ for each pellet 
in the stack, because of the curva­
ture of the end faces, 
ii c The rim of a finite pellet will be
about O.i+u nearer the clad than o
would be expected from plane strain 
calculations. Contact between fuel 
and clad may occur earlier than expec­
ted and will be localised at the 
pellet rims, leading to stress con­
centrations.
The implications of these effects will be discussed 
in more detail in Section 2.4o 
2.3.1b Hollow Cylinders
The temperature distribution in a hollow 
cylinder, where heat can be removed from either 
curved surface is given by:
T(r) = T(b) + R/Uk [ 2[xa^ + (1 - x)b^]ln(r/b)
+b^ ~ I > (2.7)
the heat flow per unit length from the outer
P p
surface is xR%(b - a ) and from the inner surface
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considered to illustrate the effect of the ratio 
of heat removed from each surface.
Case a Heat flow through outer surface alone,
X = 1 o
Case b Equal temperature on both surfaces 
T(r) = T(b)+ R/4k {(b^- a^)ln(r/b)/ln(b/a)
+ b ^ - ] .
Case c Equal heat flux through both surfaces
T(r) = T(b) + R / %  } 2ab ln(r/b) +b^-
Case d Heat flow through inner surface alone,
X = Co
The radial displacement differences between 
the cylinder rim and centre line are given, at 
both the inner and outer surfaces for the four 
cases, in Table 2,1 for a range of length to dia­
meter ratios and constant cylinder inner radius 
2 2a /b = 0.2, and in Table 2,2 for a range of inner 
radii for constant h/b = 1 , The effect of length 
to. diameter ratio on hollow cylinders for heat flow 
Case a is similar to that for solid cylinders.
Hollow cylinders have smaller rim to centre line 
radial displacement differences than solid cylinders, 
but when the power density (volume rating) is 
corrected to give constant surface heat flux the 
effect is not very large, e.g. a hole taking 20% 
of the cylinder volume reduces the rim to centre 
line displacement by approximately 7%.
Figure 2.3 shows the shape of a hollow cylin­
der with heat flow Case a. Heat flows on the 
inner surface reverse the curvature of the
- 22 -
TABLE 2.1
The effect of length to diameter ratio on the 
rim-to-centre radial displacement differences
in a hollow cylinder, where a^/b^ = 0.2 for
1 Length to 
diameter ratio
1
0.5 0 .7 1 .0 1.25
Case a
Outer surface heat 
flow only
Outer surface 
Inner surface
0.25
0.23
! 0.33 
: 0 .34
1 0.351 
0.36
0 .34
0.34
Case b I
: Equal surface 
' temperatures
Outer surface 
Inner surface
I 0.06 
-0.01
0.06
-fC.OI
0.071 
0.01)
g
0.07
o .o t
Case c
Equal surface heat ' 
fluxes I
Outer surface 
Inner surface
0.09
0.03
0.10
0.06
0.1 2 1 
0.07
0.12
0.06
Case d
Inner surface heat 
flow only 1
Outer surface 
Inner surface
-0 .2 7  i
—0 .14-1 i
-0 .40
-0 .55
—o .4 i 1 
-0 .5 8
-0 .3 8
-0 .55
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TABLE 2.2
The effect of central hole radius on the 
rim-to-centre radia1 displacement differ- 
ences for a constant length to diameter 
ratio unity
Radii
a/b
0.7071
0,4472
0.2236
0
0.7071
0.4472
0.2236
0.7071
0.4472
0.2236
0.7071
0.4472
0.2236
0.50
0.20
0.05
0
0.50
0.20
0.05
0.50
0.20
0.05
0.50
0.20
0.05
Displacements for 
rating
Displacements for 
constant surface 
rating
OuterOuter
Case a: Heat flow on outer surface only
0.12
0.36
0.35
0.13
0.35
0.45
0.47
0.25
0.44
0.37
0.25
0.44
0.47
0.47
Case b: Equal surface temperatures
0
0.01
0.02
0.02
0.07
0.16
0
0.01
0.03
Case c: Equal surface heat fluxes
0.01
0.07
0.14
0.02
0.11
0.26
0.02
0.08
0.13
0.03
0.08
0.17
0.03
0.13
0.27
-0.16
-0.38
-0.81
- 0.12 
—0.41 
-0.38
-0.31
-0.72
-0.83
-0.24
-0.31
—0. 6ii
i Case d: Heat flow on inner surface only
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temperatures, the curvature is very small on 
both surfaces. When the heat flow is entirely 
out of the inner surface. Case d, the rim to 
centre displacements are completely r cversed and 
are of greater magnitude than Case a.
2.3.2 Pellet Stress 
2.3.2a Solid Pellets
The stress values for finite cylimers must 
tend for small and large values of h/b to the 
appropriate values for the thin disc and infinite 
cylinder, with no axial load. For the thin disc 
(Timoshenko and Goodier, 1931), 
cr-p/ or_ =i(l~v) (r^/b - 1 ), cr„/ cr^ = 0,o
o"A / o-^  = i ( l  -  V ) (3 r^ /b ^  -  1 ) .
For the infinite cylinder,
1), = 2rVb^- 1 ,
o-gAg = i(3r^b^- 1).
In this section stress will be quoted in units of 
O' = b^aP(l +v )G/4k(l - v), which is the tangential 
stress on the outer curved surface of an infinite 
cylinder. In both the plane strain and plane 
stress cases the radial stress is always com­
pressive and the tangential stress is compressive 
at the cylinder centre and tensile on the surface.
The main features of stress distribution, 
introduced by a finite cylinder’s ends can be seen 
in Figs. 2.4, 2.3 and 2.6, which map the contours 
of radial, tangential and axial stress respectively 
for a solid cylinder of unit length to diameter 
ratio,
—  23 ”
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Figure 2.4 The distribution of radial stress in a 
solid cylinder.
0*8
0*2
0'4
Figure 2.5 The distribution of tangential stress in
h/b -l'O
a solid cylinder.
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Figure 2*6 The distribution of axial stress in a solid 
cylinder*
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Figure 2*7 A map pf the principal stresses on the 
lower right quadrant of a section through a solid 
cylinder.
i l
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stress on the end faces of the cylindero 
ii. The tangential stress is tensile over 
the whole cylinder surface, 
iii. The largest tensile stress is the tan­
gential stress at the cylinder rim.
The contour maps were hand interpolated and the 
abrupt changes of curvature in the contours of cr^ 
are due to this. The wavy 0,2 contour of cr , 
however, is due to errors introduced by the 
finite number of mesh points used in the calcula­
tion.
The effect of the shear stress o* , can berz '
seen in Fig, 2,7, a map of the principal stresses 
plotted by the program mentioned in Section 2,2.
The length of the lines marked 1  ^ 2, and 3 give the 
magnitude of the stresses, the lines marked 1 are 
the largest and 3 arc the smallest principal 
stresses lying in the plane normal to the 6 direc­
tion, The planes on which the stresses 1 and 3 act 
are normal to the lines and are tensile if they lie 
between and 135^ from a direction pointing to
the top of the figure and compressive between 
-43^ and -225^0 The principal stress marked 2 is 
the stress o-^ , which is unaffected by # g, if it 
points at 45^ it is tensile and -133° it is com­
pressive.
Figures 2,8 and 2.9 show the effect of length 
to diameter ratio on the stresses on the surface 
of the cylinder. There is more scatter on stress 
because the truncation error on the stress values
-  28 -
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the scatter the stresses can be seen to tend to the
appropriate plane strain or stress values. For
the stresses at the cylinder ends the appropriate
case as h/b — ^ is the semi infinite cylinder
treated by Horvay et al, (1939)
The results discussed above and illustrated
in Figs. 2,k to 2.9 agree as far as comparison
is possible with the work of Valentin and Carey
(1970)5 with one exception. In Fig. 2.9 it can be
seen that the tangential stress reaches a maximum
at h/b approximately 1.5 of approximately 1 ,15c'^ o
Valentin and Carey agree that. cTg at the rim is
the largest stress in the cylinder but their
results indicate that a cr^ can only exceed cr when
Poisson’s ratio is very small, <0.2. In support
of the present work cr_ in hollow cylinders exhibits
similar behaviour to the s .lid cylinders and as
will be seen in the next section have less scatter
on the results.
2.3.2b Hollow Pellets
The stresses in a hollow cylinder are more
strongly affected than the displacements by the
central hole radius. To take the same example
2 2as in Section 2.3.1b, a hole where a/b = 0.2, 
reduces the stress by about 30^ compared to 7% 
for the displacements. Table 3.3 shows the effect 
of inner hole radius on the outer surface tangen­
tial stress for infinite cylinders.
Calculations on hollow cylinders had less 
scatter than the equivalent on solid cylinders.
-  30 -
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LENGTH TO DIAMETER RATIO h/b
Figure 2.10 The variation with aspect ratio of the 
main surface stresses in a hollow cylinder, 
a^/b^ = 0.2.
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T i l l s  I S  seen in i  i g ,  c : , i u  w n i e n  i i i u e u r u u e s  u n e  
effect of length to diameter ratio on three surface 
stresses for heat flow Case a. The behaviour of 
these stresses is similar to that for solid 
cylinders; the tangential stress at the cylinder 
outer rim being the largest tensile stress, 
exceeding cr to reach a maximum for h/b approxi­
mately 1.5, and the tangential stress at the 
centre line tending to the plane stress and plane 
strain cases at the extremes of h/b,
Removing heat from the inside surface of 
hollow cylinders has a large effect on the stresses, 
In Pig, 2.11 the effect of varying the heat flow 
ratio X on the inner and outer surface tangential 
stresses is seen. l\lien the heat flow is entirely 
on the inner surface, x = 0, the tangential 
stress on the centre line of the inside surface 
is approximately i .3 cr^ , compared to 0.6 cr^ for 
the stress on the outside surface for Case a.
For heat flow Case d the largest stress is on the 
centre line of the inside surface and not on the 
rim. The lowest maximum tensile stress is seen 
for heat flow Case b, when the temperatures on the 
surfaces are equal.
2.3.2c Pellet Cracking
In this Chapter, so far, it has been assumed 
that the fuel pellet is perfectly elastic and is 
subjected to no other phenomena than thermo­
elasticity. In reality thermal stresses will relax 
by creep and if the fracture stress is exceeded 
the fuel material will crack. Cracking is often
-  33 -
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seen in fast reactor fuels so this Section will
discuss the effect of stress on cracks and their
distribution and the effect cracks have on the
pellet shape and stress.
Evans and Davidge (1969) using three point
bond tests have found that the fracture stress
of UOp is in the range 150 to 200 MN/m^. This
range of fracture stress is in agreement with that
of Belle (1959) and holds over a wide range of
temperatures and grain sizes. The fracture
strength of UG is also in the same range (Barnes
et al., 19561 Bough à Chubb, 1960).
To compare these fracture stresses with the
stresses normally encountered in a fast reactor
pellet consider a solid cylinder 2.54 mm radius
9 -.5with a heat generation density of 2.0x 10 W m .
Both UOp and UC have, for the purpose of com-
10 2parison, shear moduli of about 7x 10 N/m and
—  5 —1thermal expansivities of about 10 0 , The
main difference between oxide and carbide is that
—I ~^L.
they have thermal conductivities of 2.5 WmC and 
17o5 Wm'c"^ respectively. Thus the values of cr^  
are: 1700 MN/m^ for UOp and 240 MN/m^ for UC.
The thermal stress in oxide fuel pellets 
exceeds the fracture stress by about an order of 
magnitude. It is therefore expected that oxide 
fast reactor fuels will crack extensively.
Carbide fuels have lower thermal stresses but 
cracking is still expected. This is confirmed 
by sodium bonded fuel irradiations, where for 
conditions similar to the example one or two
- 35 ~
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In hollow oxide fuels, even under the conditions of 
lowest tensile stress when the curved surface 
temperatures are equal, cracks will occur (see 
Pig, 2.11).
Thermal stress cracks will be of two types; 
lying on planes normal to the 6 direction, known 
as radial cracks, and to the z direction, known 
as transverse cracks. A third type of crack also 
commonly occurs in irradiated fuel pellets, the 
circumferential cracks. This crack, however, is 
caused by either the reversal of relaxed stresses 
on shutdown or by porosity segregation. As the 
hoop stress on the pellet rim is the maximum 
stress in a finite pellet it is expected that 
radial cracking will be observed first. In both 
oxide and carbide fuels the thermal stress is 
large enough to also cause transverse cracking. 
Transverse cracks will appear until the aspect ratio 
of the pellet has reduced the axial stress to below 
the fracture stress. In the same manner radial 
cracks will continue to split the pellet until 
the hoop stress is reduced. These processes will 
occur virtually independently as each cannot reduce 
the stresses lying in the plane of the crack by 
more than (l - v), which will occur when plane 
stress conditions have been reached on each system.
2.4 Discussion
In thermal reactor systems considerable emphasis has 
been placed on the effect the shape of thermally stressed 
short fuel pellets has on the deformation of the cladding*
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1967) that in swelling displaced pellet rims are pressed 
into the clad producing the phenomenon known as clad 
ridging. On the basis of the clad deforming around the 
pellet rims and the fuel material not undergoing creep or 
plastic deformation this process accounted well for measured 
clad ridges. Since these estimates were made reliable data 
has become available for the irradiation creep of fuel 
materials. The fuel is now thou^t to be much weaker end 
large amounts of deformation are now considered possible in 
the pellet rims, and the old ridging theory will not fit the 
experimental data so well.
In Section 2.3«2c it was shown that in fast reactor 
fuels extensive cracking will occur, which will relieve 
thermal stresses and remove the large radial displacements 
of the pellet rims. Thus in fast reactors, fuel element 
ridging would not be expected. In most thermal reactor fuel 
the thermal stresses are high enough to produce cracking, so 
the same arguments apply. In systems where the pellets 
have dished ends, to help accommodate swelling, a different 
ridging mechanism has been suggested (Kjaerheim and Rolstad, 
1967). The axial constraint of the swelling pelQe t stack 
by friction with the clad, produces axial loading, 
localised near the rim because of the pellet dish. This 
axial load produces the bending moment in a pellet required 
for ridging,
A clue to an alternative mechanism is given by a fast 
reactor irradiation experiment in DFR (Lambert, Paris and 
Bainbridge, 1971). In this irradiation ridging is observed 
adjacent to pellets separated from their neighbours. The 
pellets have a shape set into them similar to that caused
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by thermal stress. Thermal stress, however, does not pro­
duce a permanent set. The shape changes in this case are 
probably caused by inhomogeneous fuel swelling. At tempera­
tures above 800^0 fuel swelling is dominated by bubble 
swelling which is very temperature dependent. On start-up 
the pellets crack because of thermal stress. As the irradia­
tion proceeds swelling presses the fragmented pellet against 
the clad. The pressure allows some of the cracks to sinter 
forming virtually a sound pellet. Inhomogeneous swelling 
coupled with creep relaxation of the fuel and the clad pro­
duces the pellet shape change and the clad ridging. It is 
suggested that this process may also be responsible for some 
thermal reactor fuel element ridging observations.
The calculation of the pellet shape caused by swelling 
coupled with creep is analogous to thermal expansion coupled 
with elastic accommodation. There is, however, a difficulty 
as creep, being a volume conservative phenomenon, would 
require an equivalent Poisson's ratio of 0,5. Here the 
analogy breaks down as (i - 2 v ) terms become zero and as v 
tends to 0.5 the matrix used in the difference approximation 
method becomes singular. Some success has been achieved, 
using V close to 0.5, with the finite element method (Ander­
son, 1971) and it is possible to construct a specific finite 
element method for creep (Greenbaum and Rubenstein, 1988). 
This leads to the problem of the full three dimensional 
treatment of fuel behaviour which will be discussed in Chap­
ter
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3 »1 Introduction
3.1o1 The Problem
The fast reactor fuel undergoing fission swells 
and presses against the clad. Elastic strain in the 
system accumulates until the stress becomes large 
enou^ for non-elastic deformations to occur. If 
the fuel has no free space incorporated in it, the 
clad must eventually deform, but as this is not 
desirable a central hole or distributed porosity 
is provided to accommodate the swelling. In the 
centre of the fuel where temperatures are high, the 
main mode of deformation is thermal creep. It 
was formerly thought that in the outside of the 
fuel and in the clad at lower temperatures, plastic 
flow occurred and for that reason the first fuel 
deformation calculations were made using elasto- 
plastic theory (herckx, 1962; Ma and Murphy,
1985). Irradiation creep is now known to dominate 
the deformation of both fuel and clad at low
temperatures and non-activated deformation will
«
only occur when there is a sudden change in opera­
ting conditions.
The problem is, therefore, to describe both the 
state of stress in the fuel pin as fuel swelling 
accumulates and the resulting creep deformation 
of both the fuel and the clad. If the irradia­
tion conditions are unchanged the creep deformations 
will come into dynamic equilibrium with the 
swelling and the stresses and deformation rates
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of the problem is an important simplification and 
is dealt with below under the title of steady 
state calculations. Time varying conditions can 
be included, for approximate calculations, by 
describing the pin life in terms of a series of 
quasi-steady state problems. The changes in 
elastic strain should,however, be included for a 
more rigorous treatment and such calculations 
will be known as transient calculations.
The previous Chapter has considered the effect 
of short fuel pellets on the clad. However, fast 
reactor fuels are either in the form of vibro- 
compacted granules or pellets broken up on start-up 
into small fragments by the thermal stress.
Appendix A examines the possibility of axial extru­
sion of the fuel column using an approximate 
method. The conclusion is that once the fuel and 
clad are in contact and provided the fuel has 
sufficient voidage incorporated in it, axial 
extrusion and end effects are unimportant at 
distances greater than about four fuel diameters 
from the fuel ends. Hence the calculations given 
below will assume that in addition to axial 
symmetry
i. The fuel and clad have no relative 
axial displacement once they are 
in contact; 
ii. planes normal to the axial direction 
in both the fuel and the clad remain 
plane.
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3.1.2 The Approach to the Problem
There are a large number of variables involved 
in describing a fuel pin mechanically. Each 
material’s property has a range of uncertainty and 
the operating conditions of irradiation experiments 
cannot be defined with great accuracy. It was 
therefore decided to develop the mathematical 
techniques as generally as possible, but to apply 
the resulting computer programs to the effect of 
specific parameters on stress and deformation rate, 
rather than simulate the whole gamut of fuel pin 
behaviour. In particular it was decided not to deal 
with pin failure, as creep rupture in cladding 
materials is not yet fully understood and because 
this phenomenon is very sensitive to fabrication 
flaws and local abnormal operating conditions.
The section below will describe the methods 
used in constructing the computer programs, discuss 
the effect of the main materials and operating 
variables and attempt to reconcile the behaviour 
of real irradiation experiments with the calcula­
tions. A list of the fuel and clad properties 
data used in the calculations is given in Appendix
L o ,
3 o 2 Mechanics of Creep and Swelling
There are three components of stress in axisymmetric 
plane strain conditions, and . The treatment of
the deformation must include the effect of: thermal
gradients, elastic strain, creep deformation and, most 
important of all, radiation induced volume changes. To 
simplify this list of phenomena two major assumptions will
—  il1 —
be made ;
i. If the elastic strain and the temperature 
distribution are defined so is the stress 
distribution,
ii. Strains from elastic, creep and swelling 
sources are separable and their sum gives 
the total strain in the system.
Thermodynamic arguments can be used to justify these 
assumptions. Assumption (i) follows immediately if the 
strain energy is the only mechanical contribution to the 
free energy of the solid. This is the case during secondary 
creep when recovery matches work hardening and the defect 
structure remains essentially constant. During work hard­
ening, which occurs in primary creep, most of the elastic 
energy stored in dislocations is not reversible and if 
later released by a change in deformation conditions it will 
be dissipated as heat. The elastic changes from bubble and 
void growth and fabrication pore closure will be small com­
pared to their non-elastic effects. Thus stress may be 
expressed in the same way as for thermoelasticity:
^k/2G = e^^[v(ep+eQ+e2)-%(l+v)T]/(l-2v) (3.1 )
where e^ will be reserved for the elastic components of 
strain.
Conservation of energy in the system requires that :
div q+U = (3.2)
- k ^
i.e. the heat flow out of the system plus the rate of change 
of internal energy of the system must equal the mechanical 
work done plus the power generated; ê is the total 
apparent strain rate. If assumption (i) holds then a small 
change in the internal energy of the system can be written as:
—  l\2. —
au = Td8+Z (3.3)
k ^
Using (3.3) to substitute for U in Eg. (3.2), and rearranging 
the following expression for the rate of entropy production 
is obtained:
S - f - . ' - ' l f - * !
The rate of heat dissipation from mechanical deformation is 
controlled by the strain rate difference é ^ - e. which will be 
referred to here as the irreversible strain rate y,. Hydro­
static pressure is defined by cr= ^ Z cr, , If the volume
^ k
dilation component of the irreversible strain is defined as
y = 2 y. then the mechanical dissipation rate can be
k   ^ ° -1 o o
expressed as 2 o^y^ = 2 o*^ (^y^ -— y) + oy, Subtracting the
hydrostatic and dilation components of o', and y, respectively
k = °"ktheir deviatoric parts are obtained, s^  ^= - o* and
V, = y - —y with the properties 2 s, = 2 y = 0. Using
k k
the deviatoric parts the mechanical energy dissipation 
rate separates into volume dilation and shear deformation 
parts so
s = | - q . s a p ,  z 4 . (3.5)
In these studies v^ will be equated with the creep strain 
rate and y with irradiation induced volume changes and 
fabrication porosity closure. Thus assumption (ii) also 
holds if assumption (i) is valid.
The notation and arguments for the description of creep 
under multiaxial stress, given below, have been adapted from 
Odqvist (1966)0
Altering the stress deviant while maintaining the creep
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rate constant in Eq. (3«5)
3 \ —
If effective stress is defined as cr^  = ' 2 then the
creep strain rate can be described as :
V _ â i M  ...A _ 3 dCSTi i  (3.6)
If a stress is applied in only one direction, e.g. the z
2
direction, then cr^  = cr^ and s^ = — cr^ and a creep rate
V = ffu^) is obtained. Putting these values into Eq. (3»6) 
it is easy to see that:
=
hence for the general case
V k = 2 " - ï ^ -  (3.7)e
Alternatively an effective strain rate may be defined
P 1
v^ =(g-v^v^)^, which when Eq. (3.7) is used to replace v^ 
it is found that v^ = f(u ). For most cases a way can be 
found to express cr^  in terms of v so we define cr^  = g(v^). 
Inverting (3.7) using this expression the stress deviants may 
be expressed in terms of the creep rate components-:
<3.8,
0
There are two important special cases of Eq. (3.7) and (3*8). 
The first when Norton’s law holds, i.e. the uniaxial creep 
rate is proportional to stress to a power n:
V (1- n)/n y
'^ k = 2®°'e ®k = 3 p / n  (3.9)
The second is for linear viscous solids:
®k=fjB^- (3.10)
In both cases B may be a variable of temperature accumulated
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strain and/or time. Primary creep data, however, is not yet 
well enough understood in fuel and cladding materials for it 
to be used in calculations, so all the results quoted below 
will be for secondary creep.
3o3 Steady State Calculations
It will be assumed in this Section that the fuel pin is 
subjected to constant operating conditions, the fuel and clad 
are in secondary creep and thermal stresses and any other 
transient internal stresses have completely relaxed. Further, 
it is assumed the irradiation induced swelling rates of the 
fuel and the clad, which may be burn-up or accumulated dose 
dependent, change slowly enough for dynamic equilibrium to 
remain a good approximation. Thus strain rates and stress 
in the fuel pin are constant or change slowly and elastic and 
thermal effects can be ignored.
3.3.1 Method of Solution
As the elastic state of the system is ignored, 
the displacement rates at any point in the fuel or 
clad are related to the creep rate components and 
the volume dilation rates by:
.
where Z is constant with respect to radius to 
satisfy the condition of plane strain. If the set 
of equations above are summed, a first order 
differential equation for the displacement rate is 
obtained, using the property of the creep rates,
+ = 0,
Ô U  U
8r r + Z = b  (3 .12 )
Vflien Eg,. (3.12) is integrated an expression for the
radial displacement is obtained, in terms of two
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u(r) = + ^  f yrdr + Z (3.13)r ^ r  —  -r - 2r
J a
If y is a known function of radius the problem is 
solved by determining the two constants. Eq. (3*13) 
holds for both the fuel and clad provided the 
correct dilation rate is used in the appropriate 
region of the integral. The following conditions 
must be satisfied on solving for the constants:
i. The condition of stress equilibrium, 
which reduces for systems in plane 
strain to
_  %  - S
ôr ~ 3? “ r
iio The axial load condition 
c
(3.14)
«■p'dr = 1;^ . (3.15)
a
iii. The boundary conditions
o'j.(a) = -Pjj, <T^ ,(c) = -Pg,
and that the radial component of 
stress is continuous across the fuel- 
clad boundary.
The axial load F and the intrrnal and external 
pressures, p^ and p respectively, on the pin are 
negligible in the fast reactor case, so each of 
them will be considered zero. Condition (ii) is 
often replaced by Z = 0 by some workers; this is a 
good approximation where the fuel or the clad have 
widely differing deformation rates, but is a bad 
approximation in the more interesting fast reactor 
problems.
Condition (i) can be immediately integrated 
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stress at any point in the pin 
r /8a- 8
Op(r) =J i - ~ — D. dr. (3.16)
This gives an alternative way of expressing the
radial equilibrium condition, 
c  ^s Q- s.
f = 0o (3.17)'a
The' axial stress can be expressed also as
=^ + 3% = Up- Sy+Sg.
The use of the property s + s + s^  = 0  and condition 
of stress equilibrium Eq. (3.16), allows further 
manipulation
( ^ r e) 3_ r ^^r ^^z
*z = !2— = G y + "2 a;r-+'-2-
= 4  +-2^' . (3 .18)
Multiplying o' by r and integrating, using Eq, (3.18) 
and the boundary conditions, gives the axial load 
condition as an integral in terms of s alone.
s^rdr = 0. (3.19)
a ^
The creep rate components can be expressed as 
functions of the volume dilation rate and the two 
unknowns u(a) and Z, using Eq. (3.11) and (3.13).
V = + ïpJ yrdr
1 2r^ r ^ r Ja
® o ^
-Z /_2 2\ u(a)a 1 1 .
Vg = Z- ^
= 31 (?) ^ z\ IT- h ]  2
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These relations together with Eq, (3o8j give argu­
ments of the integrals Eq. (3.17) and (3.19) as 
functions of the unknowns.
s^- s = -| ^  [ Y“ ^  [ yrdr - + Z) ] .
e r ia r
The technique which has been employed is to
consider Eq. (3.17) and (3.19) as non-linear
• •
algebraic equations in u(a) and Z. In fact if the 
integrals were expressed by a fixed interval 
Simpson’s Rule approximation they would form a set 
of algebraic equations. The unknowns are solved 
using an equation-solving algorithm.
Creep of carbide fuel, see Appendix B, is 
of the form
v^ = BRUg + A exp(-Q/bT)uj\
This when solved for cr gives
[(BR)^»4Ve4exp(-g/Rg?)]^- BR 
^0 2Aexp(-Q/RT)
When the thermal creep component becomes very small 
this tends, using the binomial expansion, to the 
correct limit u = v /BR. However, during the 
computer calculation if Aexp(-Q/RT) becomes very 
lo\Y indeed truncation errors become important.
It was thus found necessary to choose a tempera­
ture for which thermal creep is insignificant and
below this temperature fix cr^ z= v /BR.
After the construction of the programs it 
was discovered that Merckx (1968) had developed a 
program for the same purpose constructed along
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similar lines. The difference between the two 
methods is that Merckx obtained explicit relations 
for the two unknowns and then iterated the two 
equations until consistent answers were found.
There are two important restrictions on the 
use of the above method of calculating steady state 
behaviour. If y is not Imown as an explicit 
function of r, which is the case when it is stress 
dependent, values of y must be stored and corrected 
during the solving process. Some creep relations 
cannot be easily converted from the form f(u ) to 
g(v ) analytically. This is often the case when 
thermal creep is a non-linear function of stress, 
while irradiation creep is linear. In such cases 
an additional numerical equation solving step 
must be incorporated in the program.
3 o3 02 Programming the Solutions
The method described in the previous section 
has been programmed in Fortran IV, with the code 
name NERPS. The non-linear equation solving step 
is carried out using an algorithm constructed by 
Powell (1968), that uses a combination of the 
methods of steepest descent and Newton-Raphson.
The algorithm has the code name NSOiA in the 
Harwell subroutine library. The values of the 
integrals Eq. (3.17) and (3.19) are calculated 
for NS01A, by a variable interval Simpson’s Rule 
algorithm, Harwell subroutine library code QA02A. 
The step length is varied to maintain the accuracy 
within given limits.
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Most e n  icient operation is acmeveu ±n imowixx 
when the unknowns are of the same order of magni­
tude and trial values of the unknowns produce 
deviations in the non-linear equations of the same
o 2 2
order. For this reason Z is scaled by (b - a )/2a
2 2and Fq. (3.19) is scaled byl/(c - a ) which makes 
them dimensianally the same as u(a) and hq, (3.17).
As Z is usually small there is further numerical 
scaling, which is judged from experience for each 
problem. Starting estimates are also important.
The value of Z is set at 0 initially and u(a) at 
a value between 0 and y(a)a/3 depending on the 
relative strength of fuel and the clad. With these 
provisions, values for u(a) and Z are found within 
12 calculation steps in all but the most extreme 
cases.
The first version of FERFS calculated the values 
of y as they were required and then integrated 
Eq, (3.13) using Simpson’s Rule. However, the 
present version approximates y by a set of 20 cubic 
splines. The splines are constructed by the Harwell 
library subroutine TB04A and are integrated by a 
subroutine (SPLISH) supplied by H. J, Hedger. This 
new technique of handling the dilation rates has 
reduced computing times to approximately one third 
of their original value. The use of splines will 
also enable any future version of the program to 
include fabrication porosity or the effect of restraint 
on swelling with little difficulty. Each case takes 
approximately 4 secs on an IBM 360/73 computer.
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written for quick parametric calculations. This
calculates fuel strain rates and stress for the
special case, when the clad is perfectly rigid.
There can be no axial deformation, so Z =0,
and the radial displacement rate is given by; 
b -
u =— p j yrdr,  ^ (3.21)
Thus the stress can be calculated directly using 
Eq, (3ol6) and (3.20) . This program also uses 
splines to evaluate Eq. (3.21 ) and has a time per 
case of approximately 0.3 secs.
3o3c3 Application of Steady State Calculât ions
The effect of fuel parameters will be the main 
concern of the first parts of this section and for 
this purpose the clad will be considered rigid.
The last part will investigate the v/hole fuel pin 
behaviour and include clad creep and swelling. In 
comparing changes in variables a standard fuel 
pin will be referred to ; a fuel outer diameter 
5«08 mm with a central hole diameter 2,262 mm, clad 
with stainless steel 0,381 mm thick. The fuel and 
clad properties are given in Appendix C and the fuel 
is assumed to have reached a burn-up of 3 % 10^
MWd/t, typical of experimental irradiations.
3.3o3a Power Density and Temperature
when the fuel centre temperature is below the 
values where thermal creep and bubble swelling 
become significant, the fuel can be treated as a 
thick cylinder swelling uniformly, assuming all the 
fission products are still dissolved, and creeping
-  3 1  -
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ture swelling and irradiation creep are
proportional to fuel power density, so a rigid
1 8clad will exert a pressure of ^ g •s where 
B is the irradiation creep coefficient and the 
swelling rate is AV/V = SR. This restraint 
pressure, using the fuel data from Appendix B, 
is 24.3 MN/m^ for oxide fuel and 28.0 MN/m^ for 
carbide fuel. At low clad temperature and in the 
absence of bubble formation the fuel-clad contact 
pressures should tend to these values.
Oxide fuel, under typical fast reactor 
operating conditions, has a major portion subjected 
to thermal creep. Gas bubble swelling does not 
become very important until thermal creep is large, 
so the fuel-clad contact pressure in oxide fuel is 
always below the limiting value. The variation 
of the pressure with clad temperature is shown in 
Pig. 4o1 for two typical fast reactor power 
densities.
In carbide fuel, gas bubble swelling becomes 
important at temperatures below the start of thermal 
creep. The lower fuel centre temperatures also 
mean that carbide fuels are near the low tempera­
ture case. Thus in Pig. 3.2, which covers the same 
variables as Pig, 3.1 but for carbide, the contact 
pressure exceeds the limiting value for the lower 
power density case at the lower temperatures as 
bubble formation becomes significant. At the 
higher power density the fuel centre temperature is 
high enough for thermal creep to be important and
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Figure 3*1 Plot of contact pressure against 
clad temperature for an oxide fast reactor 
fuel pin.
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the contact pressure falls below the limiting 
value.
These interpretations of the state of oxide 
and carbide fuel are supported by the behaviour of 
the stresses with radius. The hoop stress was 
chosen for examination, as it follows the sense of 
the effective shear stress o' . In Pig. 3 «3 the 
variation of hoop stress with position is given for 
three cases of power density and clad temperature 
in oxide fuel. The stress drops to an insignificant 
value, in each case, at fuel temperatures of about 
i200^0. Only in the lowest power density case, 
also with the lowest centre temperature, was there 
a region, near the fuel outer radius, where the 
stress levelled out, signifying irradiation creep 
was dominating. In Pig. 3 «4 two of the cases 
for oxide fuel are given for parbide fuel. At the 
lower clad temperature the stress rises vfith 
decreasing radius because of the temperature 
dependent bubble swelling. At the higher clad 
temperature the stress drops slightly with decreas­
ing radius, as thermal creep becomes important, but 
irradiation creep still dominates.
Thermal reactor fuels and fast reactor breeders 
have lower power densities than fast reactor fuels 
and even though they are bigger in diameter the 
centre temperatures are generally lower. Pigs, 3.5 
and 3.6 show for oxide and carbide fuels respectively, 
the variation of contact pressure for a fuel of twice 
the diameter of the fast reactor case and for two 
power densities typical of the more highly rated
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thermal reactor rueis. m e  airrerence oetween 
the thii.rmal and fast cases is most marked in 
oxide fuel; where for clad temperatures less than 
500^0 and a power density of 2.5 x 10^ Vl'/m^  the 
fuel-clad contact pressure is near its limiting 
value o
In order to compare the level of stress from 
the restraint of fuel swelling with clad strength, 
the locus of contact pressure and clad tempera­
ture to give a thermal creep rate of 5 x 10  ^
day in solution treated stainless steel is super­
imposed on Figs. 3.1; 3.2, 3.3 and 3.6. In both 
the fast and thermal cases, the clad thickness is 
assumed to be 0.381 mm, so in the larger diameter 
fuel pin the stress to produce the strain rate is 
lower. From the loci, the fast reactor oxide fuel 
is obviously outside the range of thermal creep, 
while at the lower power density in carbide fuel 
clad thermal creep is expected. The thermal 
oxide fuel case is just outside the thermal creep 
range at the lower power density, but carbide 
fuel will creep thermally at clad temperatures 
above 430^0 .
3.3.3b Fuel Properties
The most influential property is not so much 
a fuel property as one shared with the clad, the 
fuel-clad contact thermal resistance. The value is 
not known to great accuracy and is affected by many 
conditions, e.g. contact pressure, fission gas 
release, and fuel and clad surface finish, A value
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being the only published data specifically on the 
UOp-stainless steel interface. Other work suggests 
that it should be lower, but the actual value pro­
bably lies in the range 0.3-2 x 1 .
Pig. 3«7 illustrates the importance of the contact 
resistance, by giving the variation of contact 
pressure with fuel surface temperature for an 
oxide fuel at constant power density. The ranges 
of clad surface temperature are then superimposed 
for the upper and lower limits of contact res­
istance. Thus a factor of 4 change in the contact 
resistance, changes the fuel surface temperature 
by about 380°G. This change produces changes in 
fuel-clad contact pressure of between a factor of 
3 at the lower end of the temperature range and as 
much as several orders of magnitude at the higher 
end.
It might be expected that fuel thermal creep 
should strongly affect fuel-clad contact pressure.
On reflection the thermal creep activation energy 
of 90 Kcals/raol gives an order of magnitude change 
in creep rate for a temperature change of 110^0 
at temperatures around 1200^0. As 1200°C appears 
to be critical in oxide fuel, because stresses 
become insignificant at this value, an order of 
magnitude change in creep coefficient should be 
equivalent to a clad temperature change of about 
100°C. It can be seen in Pig. 3.7, where the effect 
of raising and lowering the thermal creep rate by 
an order of magnitude is illustrated, that this
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is so. Thus a change in creep rate or an oraer or 
magnitude is equivalent to a change of only 2^% 
in contact thermal resistance. The creep activa­
tion energy of carbide fuel is comparable with that 
of oxides so that the effects of varying the ther­
mal creep coefficient should be of the same order. 
The effect of changes in fuel irradiation 
creep coefficient depends on how near the fuel is 
to the limiting value of contact pressure. Near 
the limiting value, e.g. a carbide fuel with low 
pow.r density, the contact pressure is inversely 
proportional to the irradiation creep rate. In 
oxide fuel, in which the behaviour is dominated 
by thermal creep, the contact pressure becomes 
increasingly less sensitive to irradiation 
creep rate with increasing temperature. This is 
seen in Pig. 3.8, where the effect of reducing 
the irradiation creep coefficient by a half is 
illustrated.
3 o3 .3c fuel Dimension and Voidage
The effect of an increased fuel size with 
reduced power density has already been discussed, 
but what is the effect of varying the fuel size 
while maintaining the power density at fast reactor 
levels? Larger fuel diameters produce higher fuel 
centre temperatures. The variation in contact 
pressure with temperature is shown in Pig. 3.9 for 
three different oxide fuel radii. At a power 
density of 2.5 x 10"^  v;/m^  a 20% change in diameter 
is equivalent to a 150^0 change in clad temperature 
Carbide fuel because of its higher thermal
-  6 0  —
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conductivity is less sensitive to sizt changes.
Before discussing the effect of distribution
and amount of voidage the term smear density must
be defined. Smear density, p , is the ratio of
volume occupied by fuel material to the available
volume, so in a vibro fuel the smear density is
equal to the measured fuel density divided by the
fully dense value and in solid fuel with a central
2 2hole the smear density is 1 - a /b . The limiting 
value of the fuel-clad contact pressure can be re­
expressed in terms of smear density for a hollow 
i S P gfuel as "T q? y,pj— ■ v. h similar expression can be
obtained for a fuel where all the voidage is evenly
distributed as pores. Small (1965) obtained a
relationship between hydrostatic stress and the
. 9BR(l-p)
porosity closure rate, which is e = ------ -
P s
if fuel irradiation creep is the only deformation 
process. This closure rate is a lower limit, 
because it uses the bulk creep rates. In practice 
pores are not perfect spheres, are assisted in 
closure by the surface energy and interact with the 
surrounding microstructure; each of these processes 
leads to a higher closure rate. The limiting value 
of fuel-clad contact pressure with pore closure
j g  p
can now be calculated as ^  g 4/9 ÏSSS
thak fof a fuel with a central hole but the same 
smear density.
Near the limiting value of contact pressure 
increasing the smear density will also increase 
stresses. This is not always true when thermal 
creep is significant. Increasing the smear
—  62 —
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the fuel centre temperature and the stresses will 
diminish. This is the case for oxide fuel with a 
smear density above O.95o 
3 o3 o3d Total Fuel Pin Behaviour
It was previously shown that a solution treated 
stainless steel clad will not undergo thermal 
creep in fast reactor conditions for oxide fuel or 
for carbide fuel at high power densities. Cold 
worked stainless steel is still more resistant to 
thermal creep at low temperatures » Clad irradia­
tion creep is more important to fast reactor fuel 
pin behaviour than clad thermal creep, but this is 
insignificant in an oxide fuel pin compared to
clad swelling, e.g. clad displacement rates of 
— 7 —i10" m day"* against displacement rates from clad
- 5  - 1swelling of the order of 10 m day and above.
Carbide fuel, however, has a contact pressure 
high enough for clad irradiation creep to be sig­
nificant. Fig. 3.10 shows the effect of clad creep 
and swelling on the fuel-clad contact pressure for 
a carbide fuel clad with 20% cold worked 316 stain­
less steel. The clad strain rate is more efficient 
in reducing the stresses when the fuel is dominated 
by irradiation creep than when thermal creep is 
important. This is because in carbide fuel the 
irradiation creep rate is proportional to stress 
while thermal creep is proportional to the square 
of stress. A smaller change in stress is there­
fore necessary to give the required reduction 
in strain rate for thermal creep. The variation
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of clad displacement rate with temperature is 
plotted in Fig. 3.11° Clad creep becomes 
increasingly more important as temperature decreases 
because of the increasing stress and the negative 
temperature dependence of clad irradiation creep.
There are as yet no published strain profiles 
of irradiated carbide fuels, but an example of an 
oxide fuel clad with cold worked stainless steel 
and irradiated in DPR is given by Bramman et al. 
(1971) As can be seen in Fig. 3»12 the strain 
profile measured from the clad surface displacement 
is followed to within the limits of measurement 
by the profile calculated from changes in clad 
density due to swelling. Thus no gross creep 
deformation of this particular pin could have taken 
place. Superimposed on Fig. 3*12 is the profile 
calculated from the cold worked steel swelling 
law, which fits the observed values well below 
500^0, but is a bad description above that 
temperature.
3 .4 Transient Calculations
A successful method of describing transient behaviour 
should be capable of dealing with:
io The relaxation of thermal stress,
ii. The build-up of fuel-clad interaction stress 
until equilibrium is attained, 
iii. Power cycling,
iv. The relaxation of stresses after a sudden 
change in operating conditions.
The computer program, CYLIND, is far from being capable cf 
dealing with all these processes and has been used mainly
—  6 6  —
to estimate the time to reach dynamic equilibrium and to give 
confidence to the results from steady state calculât ionsc 
In the following sub-sections the method used in con­
structing the program is described, examples of its applica­
tion to carbide fuel and clad transients are given, and 
finally the limitations are discussed with a comparison 
with other methods of solution,
3,4,1 Method of Solution
Analytical solutions to this problem are not 
possible and all the numerical solutions that have 
been tried have the following form: a method of
calculating the stresses in the system from the 
strains, the strains are estimated by extrapolation 
for small increments in time. The method chosen 
for the present work is developed from the thermo- 
elastic theory used in Chapter 2, but in the r 
dimension only with the assumption of plane 
straino
The elastic strain components at any point are:
Cr = Yp: Og = g- Yg, = 2- (3.21)
If these relations are substituted into hq. (3*1 ) 
and the stresses so obtained into the stress 
equilibrium equation (3.14), the Lame equation is 
obtained:
t f r f f  ' (3-22)
This equation can be integrated for u directly, 
which is done by vVidera and Weeks (1970) and G-uyette 
(1969), but the finite difference technique has the
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advantage of the stored triangulated matrix that 
gives shorter computing times in the time dependent 
part of the calculation. Symmetric first order 
differences are taken for each differential in 
Eg. (3,22) at a set of evenly spaced radii in the 
fuel and the clad. The boundary conditions are 
treated in the same manner as in the thermal 
stress problem (Section 2.2) with the addition of 
the condition of continuity of radial stress and of 
displacement at the fuel-clad interface. The result 
is a. set of linear equations for u at each radial 
position, whose coefficients form a band matrix 
of maximum width seven. The distribution of tem­
perature and the components are assumed to be 
known, so the values of u can be solved for using 
the band matrix algorithm MA07A. A value of Z is 
required for the boundary conditions and this is 
initially set from elastic theory and then updated 
during the time dependent part of the calculation 
from the axial load condition, Eq. (3.15). This 
can be rearranged to give Z:
^ = (^fuel + ^clad)/(Gfuel * ^clad^ (3.23)
where [ 0  "  v) + vy^
+ a(l + v)T]rdr- [hu(b) - au(a)]
with similar expressions for the clad. The inte­
grals in the above expression are calculated from 
the components at each radius using the trapez­
oidal approximation.
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Time is incremented by small constant steps, 
6t, and the flow of the calculation is illustrated 
in Pig* 3.13» At any time t it is assumed that the 
strains y. are known at t and the strain rates 
at t- ôto Eq. (3.22) is solved for the dis­
placements at t and hence the stresses are obtained 
using Eq. (3.1) and Z from Eq. (3.23). Once the 
stresses are known the irreversible strain rates 
can be calculated for t:
4  = 2
A first estimate of y^ at time t + ôt is made using 
a first order predictor:
Yjj,(t+ôt) = 7j^ (t)+|i[3Yj5.('fc) - 6t)]
+ 0 ( 6 t h .  (3 .2 5 )
These values are used in turn to estimate the dis­
placements, stresses and irreversible strain rate 
at time t + ôt. A better estimate of the strain
rate is then obtained at t + ôt using the corrector:
yjj.(t+ôt) = yjj-(t)+“ [Yj^ (t) + 6t)]
+0(6t^). (3.26)
This corrector could be further iterated to ensure 
the values at each radius are self consistent, but 
this does not appreciably improve the stability of 
the method and increases the running times. The 
cycle is therefore complete and a new increment can 
be added. Starting values are calculated from 
elastic theory with the assumption of linearity 
with respect to time at t = 0 for the first 
step.
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s  = ^o' Tk= °' ^ +VG
u(r) and 2 calculated 
from elastic theory
Eq.. (3 .26) solved 
for irreversible 
strain
■ve
Eg.(3 .1) solved for. 
stresses c. (t. )
Eg. (3 .22) solved for 
displacements u(r,t.)
Eg. (3 .23) solved for 
axial strain Z(t.)
Eg. (3 .24) solved for 
irreversible strain 
rate ÿ%.(t^ )
Eg,.(3.25) solved 
for irreversible 
strain Y^^Ct^+ôt)
Figure 3.13 Plow Chart of Time Dependent Solution 
in GYLIND.
'\
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found to be more effective than the equivalent Runge- 
Kutta method of the same ordi r. There is also the 
added advantage of an estimate of the errors at 
each step by subtracting the predictor from the 
corrector, the errors being proportional to one 
another. This is valuable in detecting instabi­
lities which would otherwise go unnoticed but affect 
the result,
3 oUc2 Application of Transient Calculations 
3,4.2a Time to Equilibrium
When a swelling fuel comes into contact with 
its clad, elastic energy is stored in the system 
until the stresses are at the values for creep to 
be in equilibrium with swelling. Because of this 
a steady state method will always give too large a 
value for the accumulated strain. Transient cal­
culations are therefore useful in estimating the 
strain accrued during the settling down period and 
also as a check that the steady state values are 
correct.
An example of the way in which stress is built 
up is given in Fig, 3.14 for the standard carbide
Q . 3
fuel, with a power density of 2.3 x 10 Vv/m and 
the clad outside temperature 400^0. The stress 
reaches 30/t of the instantaneous quasi steady state 
value after about 3 days and in about 16 days.
The greater the importance of fuel thermal creep.
I.e. the higher the fuel centre temperature, the 
faster equilibrium is reached. In the same fashion 
as it is useful to think of a limiting value for
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limiting value of time to reach equilibrium can 
be defined. This would bo with the fuel dilating 
uniformly by low temperature swelling and the pin 
deforming by irradiation creep of the fuel and 
elastically in both the fuel and the clad, ior 
this limiting case for carbide 50>t of the steady 
state value is reached in 5 days and 30% in 18 
days. Equilibrium is reached much faster in oxide 
fuel (90% in less than 10 days) because of the 
higher centre temperatures.
3.4.2b Glad Deformation
Thermal stress does not greatly affect the fuel 
behaviour, because it is relieved by cracking and 
relaxed by creep, and when it does exist it often 
does not affect the fuel-can interaction as the 
■fuel is creeping linearly. In the clad, however, 
it can be important, because of a process called 
thermal ratchetting. This consists of the clad 
relaxing thermal stress by creep, but when the 
reactor powtr is reduced d. stress opposite in sign 
to the thermal stress appears. The clad will still 
be hot, because of the self irradiation heat in 
the reactor, and this stress in turn can relax.
When the reactor is started up the thermal stress 
again is present and so creep strain is built up 
in the clad. The cycle is never perfect as the 
tiniv S of operation and shutdown arc not long enough 
for the stresses to relax out completely.
Thermal stresses are sometimes large enough 
for thermal creep to dominate irradiation creep,
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e.g. tne maximum -censiie noop siress in m e  sian-
2
dard fast reactor clad is 83 MN/m for a fuel
Q ,3
power density of 2,3 x 10 Vv/rn . As the thermal 
creep rate is non-linear with stress it can be 
affected by the fuel contact pressure in two ways, 
the acceleration of the relaxation rate and the 
modification of the residual stresses. To 
illustrate this an example is taken from an earlier 
paper using older data (Matthews, 1970). The clad 
is assumed to have the thermal creep relation:
e(clay"b = 5x XGH/A)oxp(-50x 1oV r t ) .
Figure 3 «15 shows the behaviour of the clad stresses 
from thermal stress and fuel interaction. The 
thermal stress alone will relax about 20% near 
the clad surfaces in 150 days. If a constant 
internal clad pressure of 18 MN/m is imposed 
the thermal stress is almost completely relaxed in 
80 days,
The second effect is the modification of the 
residual stresses. If the thermal stress is com­
pletely relaxed, the removal of the temperature 
gradient, will give rise to a residual stress 
equal in magnitude and opposite in sign to the 
original thermal stress. There is however a 
residual stress for the thermal creep in the clad.
An internal pressure on the clad produces a tensile 
hoop stress which is greatest on the inside. This 
is also true when the clad creeps proportionally 
to stress. When the creep is proportional to stress 
squared the hoop stress is independent of position
-  7 4  -
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the outside surface (Odqyist, 1966), This differ­
ence in elastic and creep stress gives rise to a 
residual stress on shutdown, which must be sub­
tracted from the residual thermal stress. In 
Fig, 3*15; as the fuel interaction stress grows, the 
change from elastic to creep stress distribution 
can be seen. Thus the interactions of the various 
sources of stress make transient calculations a 
necessity if the deformation history of the clad 
is to be well defined,
3 oko3 The Disadvantages of the Present Me thed 
of Solution
The numerical method described in Section 
3oi-i-o1 is too complex for a rigorous mathematical 
treatment of its stability to be possible. This 
Section will be devoted to the stability and 
accuracy problems encountered during the use of the 
computer program and methods of improvement will 
be discussed.
On first examination the system of equations 
seems to be stable when the errors, estimated from 
the difference of the predictor and corrector values, 
are small compared with the incremental change of 
the strains, When the time increment is increased 
there is a value when the errors become too large 
and the solution diverges with time. Below this 
critical value the solutions are not very sensitive 
to the magnitude of the time step, for a constant 
spacing of radii about which the difference approxi­
mations are taken. However, even when the time
—  7 * 6  —
step was small enougn lox* iiu uuvxuua xxiü ouuxxx oj, 
the solution was found to vary with the spacing of 
the radiio The solution tended to the correct 
answer when the spacing was diminished.
This phenomenon is confined to fuel behaviour 
and is not greatly affected by the clad. To 
describe the thermal stress in the fuel 10 radial 
points are required for reasonable accuracy in the 
difference approximation of the boundary problem.
In the time dependent problem more points are 
needed for accuracy to be maintained as equili­
brium is approached. In Fig. 3=14 transient solu­
tions are shown using 20, 40, and 100 radial points 
in the Fuel. The errors become unacceptable using 
20 points when about 60^ of the steady state value 
is reached, 40 points give reasonable accuracy 
up to 70/b of the steady state value, and 100 
points should be accurate up to These figures
are essentially independent of the time increment 
used and are not improved on cycling the corrector 
to improve internal consistency. It has been 
suggested by Hicks (1970) that this method breaks 
down when the creep strains become comparable to 
the elastic strains, but as yet no mathematical 
proof has been made.
The problem above limits the spacing of the 
radial points in the fuel, but the size of the time 
increment is controlled by a second factor. The 
large temperature difference across the fuel will 
give widely different relaxation times. The 
faster creeping region limits the size of the time 
incremental step and the worst cases can reduce
-  7 7  -
A small initial step was tried, which was 
then increased as the inside of the fuel approached 
equilibrium. Unfortunately, the inside became 
sensitive to truncation errors in the stress 
values as the time increment increased and a smaller 
time step was required for stability. The problem 
can be avoided to some degree by ignoring the 
portion of the fuel above some arbitrary tempera­
ture. This was found to produce an error in the 
fuel stresses approximately equal to the stress 
values at the cut-off radius, but increases the 
size of the usable time increment,
Hicks (1970) has suggested that an exponential 
extrapolation technique might be more successful 
than the predictor-corrector method. This would 
enable the steady state values to be used to help 
constrain the stress values, so the following tech­
nique was developed.
At any radial point r^ the irreversible strain 
rate components are assumed to be well described 
for short periods by a set of exponential func­
tions:
)7(t) = A  + (Bfc -
where is the steady strain rate and is the 
initial strain rate. The strain rate can be 
integrated to give the extrapolation of the strains:
) = Yk(t) + — - - p —  oxp(-a^0t^^ )
ock
and the values of are calculated from the
— 7Ô ~
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The value of the current time step is 6t and that 
of the previous time step 6t_,. The steady state 
value is calculated by a steady state program 
such as NERFS and using stresses calculated from 
elastic theory. As the stresses at each radial 
point approach the steady state values becomes 
very small and the strain rates should stabilise 
their correct values. Provided a small initial 
step is made, using a linear extrapolation, it 
should be possible to rapidly increase the size of 
each succeeding time increment, without overshoot 
or loss of stability.
In practice the method gives no advantage 
over the predictor-corrector because of the term
“k .
hen oc. becomes small this term is magnified .
o i 4
although the difference Y^(t)-A. should become
negligible. However, the larger time increments 
« 2
make y,(t) sensitive to truncation errors and the 
method breaks down. This can be overcome by 
creating a boundary in the fuel inside which 
deformation is essentially in steady state. The 
boundary conditions are determined from the steady 
state calculations and the boundary is moved 
through the fuel as equilibrium is reached. In 
order to do this one of the advantages of the
-  7 9
method is lost. The changing boundary geometry 
does not allow the triangulated band matrix to be 
stored, as a new matrix is required after each 
boundary position change.
One final method which might improve the 
stability is that used in the construction of the 
computer code LIFE (Jankus and Weeks, 1970),
This uses an integration approximation for the 
solution of the radial displacements, but the time 
dependent part of the method could be easily 
adapted for use in CYLIND. The total strains 
rather than the irreversible strains are extra­
polated in this case and because of this the stress 
values should not overshoot or go into unstable 
oscillations.
At a time t the increment in the total strain 
to the next time t + 6t is assumed to be the same 
as for the previous increment t - 6t to t. The 
following expression can now be obtained as the 
first terms in a series expansion of the constitu­
tive relation for the system:
£^ _(t) = [s^Xt+ôt)-s^(t)]/2G + [cr(t + ôt) - ■cr(t)]/3K
7 f(o" ) ;
+ 2 ~ s^ôt + jôt. (3.27)
If the stress values are Icnown at time t, then the 
stress values at time t+ ôt can be solved from 
Eq. (3.27)0 This is a set of linear equations 
when the creep rate is proportional to stress, 
but a numerical method is usually required for 
non-linear creep. The flow of the calculation 
can then be followed in Fig, 3.16, This method
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t = 0, = 0
u(r) and Z calculated from 
elastic theory
Total strain incremented 
Ae^(t) =Ae^(t-ôt)
Eq*(3.27) solved for stresses
cr^ (^t + ôt)
Eq. (3.24) solved for irreversi­
ble strain rate y^(t + Ôt)
Irreversible strain incremented 
7j^ (t + ôt) = y^(t) + y^(t-F ôt)ôt
Eq.(3.22) solved for displace­
ments u(r,t-î-ôt)
Eq.(3.23) solved for axial 
strain Z(t-j- ôt)
Total strain calculated from 
displacements s ^ (t 4. ôt)
Ae^ (^t) = GT^ (t + ôt) -G^^(t)k k'
Figure 3.16 Flow Chart of LIFE Type Time 
Dependent Solution for use in CYLIED.
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will be tried in the near future in the program 
GYLIND.
3.5 Discussion
Satisfactory methods have been developed and described 
above for the calculation of the steady state behaviour and 
the transient behaviour to steady state. Stability pro­
blems in the transient method prevent it from being an 
economical technique for describing fuel pin behaviour under 
power cycling conditions. Techniques to improve the 
stability have had only limited success. In addition 
fuel cracking from thermal stresses may modify the trans­
ient behaviour until the cracks have fully closed. The 
rest of this Chapter will describe different approaches 
to the transient solution and methods that could be used 
to include cracking in the calculations.
3.3.1 Alternative Methods of Transient Solution 
The methods so far described could be inter­
preted as the treatment of the creep and swelling 
deformations as deviations from the elastic case.
Better stability might be expected from a method 
which is based on the steady state calculations 
cjid treating changes in elastic strain as the 
deviations. A steady state computer program, such 
as KERPS, could be modified by replacing Eq, (4.11) 
by
aû ^ y ^
ST = A  + 3+pG + 3K
i Ï f
F = ^e+3 + 2ë + 3K'
dw ; Ï &
e¥ = 2 = X  + 3 + 2G+3Îr
The initial rates of change of stress would be
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would proceed in a stepwise fashion in time as in 
the other methods, The exponential type of extra­
polation might be suitable for estimating changes 
in stress at each increment,
A more rigorous technique might be to choose 
a set of positions in the system and a set of time 
values and solve the complete mathematical system 
implicitly. Such a method would be too complex 
to handle directly, especially as the irreversible 
strains are often non-linear functions of stress. 
Guyette (1969), however, has successfully developed 
an implicit technique for describing deformation 
in the clad alone, A self consistent set of non­
linear algebraic equations describing the strain 
at each position in terms of the strain at every 
other position is solved using a Newton-Raphson 
algorithm. This method would be too complex for the 
inclusion of the fuel in the calculation,
A partially implicit tt,clinique has been pro­
posed by Wilmore (1971) to improve the time 
dependence of a difference approximation method.
Here the strains at a time t + ôt at each position 
are related to the strain at time t by a set of 
linear equations. Non-linear strain rate dependence 
on stress is replaced by the first two terms of a 
Taylor series. This technique is not significantly 
more complex than that used in GYllND and may prove 
to be the best compromise of methods.
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It lias already been stated that thermal 
stresses do not significantly affect fuel beha­
viour because of cracking, amongst other causes. 
Cracking however produces what is effectively a 
distribution of voidage concentrated at the fuel 
outer radii. Temperature dependent swelling tends 
to open the cracks, while clad restraint tends to 
close them. In both oxide and carbide fast reactor 
fuels clad restraint is sufficient to eventually 
close the cracks, which is evident from the com­
pressive stresses seen throughout the fuels, but 
there will be a period of lower stresses and the 
time to reach steady state will be extended.
All methods that have been used to incorporate 
crack closure in one dimensional calculations assume 
that the fuel cracks homogeneously, i.e. cr = 0  
everywhere in the region with cracks normal to the 
6 direction and cr = 0 from cracks normal to the 
z direction,
Gittus et al, (i970) in a quasi steady state 
type of calculation split the fuel into an uncracked 
region and a cracked region, whose boundary is 
defined by the condition cr^ =0, Cracks normal to 
the z direction should be included for a complete 
treatment but Gittus’ method would involve account­
ing for the movement of two interdependent boundaries 
To overcome this, crack width functions could be 
defined and used in the fuel as a whole; the 
function would be zero when c and cr are compressive 
and be chosen to maintain cr^ and o' zero when they
— 8 4
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A completely different method is used inthe 
computer code CYGRO-3 (Buncombe and Goldberg,
1970). This uses non-symmetric elastic moduli in 
the fuel. When the stresses are tensile the modulus 
drops to a very small but finite value and the 
normal values of moduli are used for compressive 
stresses. This technique is particularly suitable 
for the finite element method but would be diffi­
cult to incorporate in methods based on the Lame 
equation.
The crack width functions could be added as 
modifications for transient calculations in CYLIND 
or in quasi steady state calculations in NEKPS,
Tests of a simplified method in CYLIITD show that 
both transverse and radial cracks could be success­
fully handled together.
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4 c 1 Introduction
A carbide fast reactor fuel, in the form of granules, 
or sintered pellets, might have the following characteristics. 
i« A PuC content of 10 to 25 atomic % dissolved 
in UC o
ii 0 A ratio of metal to carbon atoms close to unity,
as free metal may migrate in the fuel and
excess carbon may carburise the stainless 
steel dado
iiio An oxygen content of 0,1 wt.A or more, due to
incomplete reduction of oxide by carbon during
manufacture or to oxidation during the fabrica­
tion of the fuel pin. 
iVo A grain size of between 5 and 10Op and a 
fabrication porosity of 1-10%.
In addition various accidental impurities may be present or 
deliberate additions of low neutron cross section may have 
been made to aid fabrication or modify the chemical and 
physical characteristics of the fuel.
Creep data is now becoming available for the types of 
materials that could be'used as fuels (Killey, King and 
Hedger, 1970; de Hovion et al., 1970) but to aid the inter­
pretation of these and to estimate the effect of changes in 
the material variables or additives a study of an idealised 
material is desirable. The present work attempts to do this 
by investigating the compressive creep of relatively pure 
fully dense uranium carbide near the monocarbide composition. 
The temperature range chosen was 800°G to 1400°C compared with 
the 1500^0 to 2000°C of Bentle et al, (1963) on similar 
material. Stresses up to 100 MN/m were used which is
- 86 -
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Before the description of the experimental procedures
and the results, the rest of this introduction will outline
the previous relevant work,
1+oi ei The Structure of Urarpiiffl_J;Ionocarbide and 
Related Phases
Uranium monocarbide has, at room temperature, 
a very small composition range and for this reason 
the terms metal rich and carbon rich will be used. 
Hypo- and hyperstoichiometrie are more usual terms 
but these imply solubility of metal or carbon.
Uranium monocarbide has only one structure, sodium 
chloride type. Pig. shows the section of the
uranium-carbon phase diagram most relevant to the 
range of interest (Storms, 19^) « There is some 
degree of uranium solubility at t emperatures as 
low as 800^0 and this increases with temperature to 
2 ah% at 1300^0, Carbon, however, has less solu­
bility than uranium metal below 1^00°C and it has 
been suggested (Sears and Perris, 1969) that the 
solubility above that temperature is less than 
indicated in Pig, 4.1 «
The narrow range of existence of uranium mono­
carbide means that the majority of prepared specimens 
have a visible second phase. On the metal rich side 
of the diagram this is in the form of uranium metal, 
which in the temperature range of interest has the 
y-uranium body centred cubic structure from 771.8 
to 1116.6^0 and is liquid above 11l6.6°C, In 
carbon rich material the second phase should be
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uranium sesquicarbide^ witn. a body centred
cubic structure. In practice a metastable phase 
of cc-UCg is usually seen. Henney et al. (1962) 
have suggested that dissolved oxygen stabilises 
the UCp; while amongst other workers Imoto et al. 
{^^GU) consider a stress necessary for the initia­
tion of the transformation. Sears and Ferris have 
found that all the UG^ transforms to UgG? in a few 
hours at temperatures in the range 1500^0-1750^0 
without previous stressing and irrespective of oxygen 
contamination. In the temperature range of the 
present work the transformation would take several 
hundreds of hours unaided.
The phase a-UC^ is tetragonal and forms Widman- 
stlitten platelets in UG, where the faces are (001 ) 
in both UG and UG^ and the direction <100> in UG 
is parallel to <110*^ in UGp (hyre and Sole, 1964; 
Magnier et al., 1964). The spacing of the uranium 
atoms in UG and in UGp is very close to coincidence 
for this orientation and Whitton (1963) has seen 
dislocation arrays of Burger* s vectors type <100> 
on the interfaces with the correct spacings for 
correcting the small mismatch at 1800°G.
Uranium monocarbide has electrical and thermal 
conductivity in the range usually associated with 
metals, while having a maximum melting point, at 
UC'o ng; of 2525°G. This can be consistent only 
with some degree of covalency in addition to metallic 
type of bonding. This has been investigated 
(Griffiths, 19GI) and it seems likely that the 2p 
electrons in the carbon hybridise with some of the
-  8Q -
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the balance of the uranium electrons forming a con­
duction band.
The creep behaviour of metal rich uranium carbide 
is very different to that of carbon rich, which is 
expected because of their very different physical 
structures. Norreys (1964) was the first to report 
that arc-cast metal rich ,UG at temperatures of 
about 1200°G had a creep rate two orders of magni­
tude faster than that of carbon rich material at
p
moderate stresses (20-40 Mil/m ). At higher 
temperatures, 1500-1900^0, liagnier et al, (1967) 
also found that metal rich UG crept faster than 
carbon rich but the effect was less marked.
Most creep data are for arc-cast UG (Ghang,,
1 961 ; Stellrecht et al., I968; Killey, 1970a 
and b) The results of Killey and Stellrecht for 
carbon rich UG over the temperature range 1200-1600^0 
are in good agreement. Both noticed an increasing 
sensitivity to stress for higher stresses and 
temperatures, which Killey showed could be fitted 
to an exponential stress relation or two regions 
each with a different stress index.
Only limited data is available for sintered 
material (Passler et al., 1965; Killey et al.,
1970), but the results so far show that sintered 
UG, both carbon and metal rich, creeps considerably 
faster than arc-cast material of similar composi­
tion. The main differences in the sintered 
material which could contribute to this are higher
— 90 —
oxygen concentrations, lower metallic impurity 
levels, smaller grain size and the presence of 
fabrication porosity.
The creep data from the various sources can 
be compared in Table 4.1 and Fig. 4.2.
At room temperature Rhodes (1963) has shown 
that the slip system in apparently single phase UG 
is of the type <110>[l1lj . This was done by inden­
ting a cleaved UG surface and observing the dis­
location etch pit patterns produced, then sectioning 
through the indent and re-etching, thus giving both 
the slip plane and direction. This slip system 
was also found by Bentle et al, (1963) in the tem­
perature range 1500-2000°G after compressive 
deformation of UG single crystals with a range 
of compositions, both metal and carbon rich. Three 
pieces of evidence supported this conclusion. Laue 
patterns showed asterism following the <112> direc­
tion consistent with the <110>[l1l] system. 
Gylindrical specimens deformed along the [IOO] 
direction became elliptical with a major axis in 
the [010] direction consistent with a [11O] slip 
direction. Slip traces observed in the <110> 
directions were identified with a [111} slip plane.
Dislocations with Burger’s vectors of ^<110> 
have been found in deformed UG and identified by 
their contrast in the electron microscope (Eyre 
and Bartlett, I966).
Killey (1970b), however, has found on deforming 
single crystals of carbon rich UG at 1300°G that
- 91 -
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Figure 4.2 Comparison of secondary creep rates
p
of UG for a compressive stress of 20 MN/m •
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the creep rate is smaller when the load direction 
is parallel to <i00> than when it is parallel to 
<110>o This he interprets as consistent with 
either a <1iO>[lOO] or a <100>[i10j slip system.
A dislocation with a Burger's vector <100> is 
not likely to be mobile and Killey has suggested 
a dissociation of the type [001] 4[001] +
^[001 ] + (110) stacking fault. Bentle (1963) has 
evidence that dislocation reactions of the type 
i[01l] -f- i[01l] — > [OlO] could nucleate cracks.
In view of this and the observation of ^<110> it 
would be best to interpret Killey’s findings as the 
movement of ^^110] dislocations on (lOO) planes,
4.1.4 Diffusion in UG
Creep5 particularly in ceramic materials, is 
often controlled by diffusion, so good values of 
the diffusion coefficients are essential for the 
interpretation of creep results. The self diffu­
sion constants for both carbon and uranium in 
uranium monocarbide from various sources are listed 
in Table 4.2.
There is good agreement between different 
workers on carbon self diffusion. The coefficient 
increases and the activation energy decreases as 
carbon content increases. This is shown in Fig,
4.3 by the upper set of lines from the work of Lee 
and Barrett (1967). Increasing diffusion rates 
with increasing carbon content is not consistent 
with a simple vacancy bulk diffusion mechanism, 
so Lee and Barrett have proposed an interstitial 
mechanism, Krakowski (1969)? however, favours a
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Figure 4.3 Comparison of the carbon and uranium 
self diffusion coefficients from various sources
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platelet boundaries. Most of the work has been done 
on arc-cast material but Lee and Barrett have also 
tested sintered specimens, with good agreement 
indicating that grain boundaries are not inter­
fering.
There is less agreement on the self diffusion 
of uranium as can be seen from the lower traces in 
Fig, 4.3. The work of Chubb et al, (1964) has been 
criticised because of its scatter and the fact that 
the uranium was diffusing in a concentration 
gradient (Lindner, I967). The results of Villaine 
(1968) and Lindner ct al. (1967) agree well in the 
high temperature region, but Lee and Barrett's
(1967) results give diffusion rates between 3 and 4 
orders of magnitude higher, Lindner attributes 
this to impurities in Lee and Barrett’s materials, 
but there were less than 500 p.p.m. total metallic 
impurities present. The large difference between 
the diffusion rates of uranium and carbon indicates 
that they diffuse independently on their own 
lattices. Lomer (1957) gives the following formula 
for the effect of impurities on the vacancy con­
centration in a metal:
Cy(with impurity) = C^(pure)(1 - 1 2c + 1 2c exp(B/KT)) 
where c is the concentration of the impurity and 
B is the binding energy between the impurity and 
vacancies. At the level of impurities in Lee and 
Barrett’s material the binding energy would have 
to be of the order of 40 Kcals/mol, which would 
produce a significant change in the diffusion
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more important is the fact that Lee and Barrett 
used uranium carbide doped with the tracer in a 
diffusion couple, while Lindner et al. used a sur­
face film of oxide to apply the tracer, Villaine
(1968), however vacuum deposited uranium carbide 
containing the tracer, so the slow diffusion rates 
are probably correct.
The low temperature self diffusion of uranium 
was found to have a lower activation energy 
(Lindner c-t al,, 196?) of the order of 30 Kcals/mol. 
This was first thought to be caused by grain bound­
ary diffusion, but single crystal specimens exhibited 
the same behaviour, so diffusion along dislocation 
subgrain boundaries is probably responsible.
The point defect concentrations and migration 
can also be studied from the effect of quenching 
and annealing on resistivity. This has been done 
by Schhle and Spindler (1969) for UG, who found 
formation energies for carbon vacancies of 22,9 
Kcals/mol and 33.2 for migration which gives a 
diffusion activation energy of 36.1 in good agreement 
for single phase UC. Earlier work by Griffiths
(1962) v/as interpreted to give for uranium vacancies 
a formation energy between 32,1 and 38,9 Kcals/mol 
and a migration energy of 50.4 Kcals/mol giving a 
diffusion activation energy between 82.5-89.3, 
which is also in good agreement with experimental 
results,
The good agreement between the measured diffu­
sion activation energies and those calculated from
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resistivity, together with the single slope beha­
viour with temperature of the carbon self diffusion 
coefficient, favours a simple vacancy mechanism 
for diffusion of uranium and carbon separately on 
their own sublattices. The low solubility of car­
bon and the lack of other evidence makes carbon 
interstitial concentrations comparable with the 
vacancy concentration unlikely. 
kc2 Experimental Techniques
4.2.1 Specimen Preparation
The specimens were produced by induction 
zone melting in a water cooled copper crucible with 
a purified flowing argon atmosphere. The starting 
material was carbothermically reduced uranium car­
bide, with a high dissolved oxygen content and a 
total metallic impurity concentration of about 200 
p.p.m. The charge was zone melted several times, 
with the final pass made at a traverse speed of 
about 1 mm/min. This process removed dissolved 
gases and volatile metallic impurities condensed on 
the copper boat and on the walls of the enclosing 
silica tube. The final impurity analysis is 
typically:
Element Si Pe Ni Mo B Pb Al 0 N
Concentration g Q 10 4 30 5 <20 <30
p.p.m.
Copper and other metallic impurities were below the 
limits of spectroscopy.
The product of this process is a bar about 
15 cm long, 12 mm wide and 8 mm thick, with a grain 
size varying from 2 mm for metal rich material to 
20 mm for carbon rich. The final carbon concentration
- 99 -
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the starting material, while the floating zone 
technique used by Bentle et al. (1963) consistently 
produced carbon rich crystals, due to the use of a 
vacuum.
The specimens for compressive creep testing 
were in the form of rectangular parallelepipeds 
4-6 mm long and 2-2.5 mm square. This meant that 
single crystals could be cut from the carbon rich 
bars but not from the metal rich. The specimens 
were cut from the bars using a low speed diamond 
wheel. The single crystals were oriented from 
(100) cleavage faces and. this was then checked using 
a Laue back reflection X-ray camera.
The grain size of the metal rich specimens 
was varied by altering the speed of traverse during 
zoning and the smallest grain size was obtained by 
melting a slice of previously zoned material and 
then reducing the power quickly. Paces of the 
polycrystalline specimens were polished and then 
scratched longitudinally with a pyramidal diamond 
to check for grain boundary sliding.
4.2.2 C re ep Ap par a tus
The compressive creep apparatus was designed 
by J. fottinger based on a dilat meter (Dalton,
1971), and is similar to the apparatus used by King 
for (U,Pu)G alloys (Killey et al,, 1970). The
schematic diagram, Pig. 2,4, shows the main features^
The compressive load is transmitted down a 
molybdenum push rod inside a molybdenum tube. The 
specimen is separated from the molybdenum components
-  1 0 0  -
Load
□
To Vacuum System
i<- ^^ (Not to scale)13 cms
44 cms
\/
KEY
1. Capacitance transducer 10. Pivot
2. Specimen 11 . Load beam-
3. Tungsten platens 12. Water cooling channels
4. Molybdenum' tube 13. Ball bearing for trans­
5. Molybdenum push rod mitting load
6. Alumina furnace tube 14. Tungsten carbide pad
7. Molybdenum furnace 15. Invar connecting rod
winding 16. Invar transducer holder
8. Tantalum foil heat 17. ’0* ring thrust seal
shields 18. Thermocouple
9. Alumina insulators
Figure 4.4 Schematic diagram of Compressive Creep 
Furnace.
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by thin tungsten platenso A window in the molyb­
denum tube allows the specimen to be placed in 
position and it is then screened by a r . 
molybdenum sleeve. The heated parts of the 
assembly are thermally insulated from the vacuum 
seals by alumina spacers. A capacitance extenso- 
meter is used to measure the displacement of the 
push rod relative to the tube and, to minimise 
the effect of room temperature fluctuations, all 
the components between the transducer and the 
molybdenum tube and rod are made of ’Invar’. The 
load is applied to the push rod, by a lever arm of 
approximately ratio onto which weights are hung. 
The temperature at the specimen is measured by 
a Pt-Pt13%Rh thermocouple with a sensitivity 
within 2^G and an accuracy at 1200^0 of about 10°C. 
Two couples spaced by 1 cm indicated that the 
temperature difference along the specimen was less 
than 10^0. The furnace consisted of molybdenum wire 
wound onto an alumina tube and surrounded by tan­
talum foil heat shields. The original control of 
the furnace was merely by stabilising the voltage 
of the power supply and varying it with an auto 
transformer. This gave good stability on a short 
timescale but tended to drift and to slowly cycle 
with diurnal fluctuation in the cooling water and 
room temperatures. The majority of tests were made 
using a Eurotherm CP-15 type controller. This uses 
silicon controlled rectifiers to remove blocks of 
cycles from the power supply and the fast switching 
aided by differential, proportional and integral
-  1 0 2  -
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mechanical controllers. A separate furnace control 
thermocouple placed in the heat shields v/as used, 
as a couple at the specimen was found to have too 
slow a response producing temperature oscilla­
tions. The use of the electronic controller 
allows temperature changes of 50*^ 0 to be made 
without overshoot within 5 minutes.
The vacuum system consisted of a 2" vapour 
diffusion pump, backed with a rotary pump, host 
of the tests were carried out with silicone oil 
in the diffusion pump, but silicon contamination 
of the specimens made the use of a low vapour 
pressure carbonaceous oil necessary, kci ion gauge 
in the vacuum chamber indicated that the pressure 
was between 1 and 5x10 torr, but there was 
evidence of oxygen contamination of the specimens, 
the final oxygen contents were between 100 and 800 
p.p.m.
The apparatus has since been redesigned for 
improved vacuum performance and convenience of 
specimen handling. The side pumping has been 
replaced by bottom pumping to allow the connecting 
pipe from the diffusion pump to be shortened. The 
alumina furnace tube and the alumina cement coating 
on the winding have been a source of adsorbed gas, 
which causes long initial pumping times and limits 
the final vacuum obtained. The new design is all 
metal in construction with a tungsten tube heater. 
The thermocouple and push rod assembly have been 
combined into an easily removable single unit, so
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that the specimen can be placed in position outside 
the furnace.
The extensometer has a sensitivity better than 
5x 10 m. This, however, could not be fully used 
for two reasons. Vibration levels in the laboratory 
gave random fluctuations of the order of 5x 10~^m 
at the specimen. Secondly the readings advance in 
jumps of approximately 2.5X 10~^m limiting the 
measurement of strain and the strain rate per hour 
at the specimen to about 5x10 On driving the 
extensometer with a constant speed screw the 
sticking was found to be in the extensometer slide.
It was later improved by strengthening a spring in 
the mechanism,
4*2.3 Specimen Examination
After deformation the specimens were examined 
metallographically and compared with adjacent 
material in the bar. They were mounted in epoxy 
resin ground on carborundum papers then polished on 
pads impregnated with diamond paste, finishing with 
a particle size of 1|i. The grain boundaries and 
/second phases were then revealed by staining with 
a mixture of equal quantities of water, nitric acid 
and glacial acetic acid.
Etch pits could be produced on cleaved, electro- 
polished and sometimes on mechanically polished 
surfaces, by etching with warm orthophospheric 
acid for a few minutes. This produced square or 
rounded etch pits on (lOO) faces and triangular 
on (ill) faces, but orientations far from these 
planes did not pit. Samples with free uranium
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metal also did not product pits.
Electropolishing was possible only on material 
close to stoichiometry as there was preferential 
attack at second phases. Deformed specimens were 
also difficult as internal cracks interfered with 
the polishing process.
Thin foil electron microscopy was attempted 
on a range of materials, using the method described 
by Eyre and Sole (1964), i.e. single jet with an 
electrolyte of orthophosphoric acid diluted with 
methanol. Deformed material was too badly damaged 
to be useful, carbon rich material was too brittle 
and most specimens cracked during the polishing, 
but some success was had with very slightly metal 
rich samples. Samples with metal in the grain 
boundaries tended to disintegrate as the metal 
is preferentially removed during the polishing.
The thinned foils had a short life and usually 
oxidised within a few hours from residual electro­
lyte. The use of ion beam thinning, which gives 
comparable thin foils, enables specimens to be kept 
for several months in a vacuum.
4.2.4 Procedure and Interpretation
The investigation has been restricted mainly 
to secondary creep rate, because of transient 
strains in the molybdenum assembly and the inevi­
table period when irregularities were flattened out 
on the specimen surfaces. Creep in the push rods 
did not affect the secondary creep rates as it 
effectively ceased approximately 3i hours after 
loading. At the highest loads and temperatures
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used (5 kg and 1300°C), a 150pm difference between 
the specimen length change and the extensometer 
reading was observed, corresponding to the displace­
ment found with the same conditions when no specimen 
was present.
An incremental technique was used to determine 
the sensitivity of creep rate to stress and tempera­
ture, to reduce the effects of differences in 
composition, structure and integrity, which occurred 
between specimens. The creep rate was noted for 
a set of conditions, a small change in stress or 
temperature made and the new creep rate recorded 
when it became constant.
Some tests were carried to strains as large 
as 30^ 6, so the following corrections were made to 
the strains and stresses.
G (true) = In [1 (engineering)]
O'( instantaneous) = cr ( initial) x [1 (engineering)]. 
The engineering strain is the ratio of change in 
specimen length to the initial length. This is 
not strictly correct as barrelling of the specimen, 
from end face friction, is observed. It is, 
however, the best correction that can be made 
i/ithout a detailed study of end effects.
4.3 Results
4o3«1 Structure before Deformation
The specimens prepared for the creep experiments 
were taken from six batches of zone refined bar.
The carbon contents of these are listed in Table 
4.3. In all the carbon rich material UGp platelets 
were seen as the second phase and no UgG? was present
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TABLE 4.3
Carbon Content of
Batch No. Specimen No. Carbon wt.% Carbon at,%
as 15 1-3 4.84 50.22
as 13 4-7 4.86 50.33
as 6 8 4.87 50.39
KB 2 9 & 10 - 4 .5 0 48.30
KB 20/3 11 - 4 .5 5 48.57
KB 20/5 12 & 17 4.48 48.18
KB 20/9 13-15 4.53 48.47
KB 20/12 16 4.50 48.30
KB 18 18 4.87 50.39
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in the grains or at the grain boundaries. Pigs.
4.5 and 4.6 are typical micrographs of carbon rich 
crystals. The specimen in Pig. 4.5 has more carbon 
present and that in Pig. 4.6 less carbon, than is 
indicated in Table 4.3, because of variations in 
carbon content along the zone refined bars. It 
was usual to see larger UG^ platelets with increas­
ing carbon content. Notice also a finer dispersion 
of platelets between the larger ones in Pig. 4,5.
The metal rich material had uranium ne tal 
present as a film at the grain boundaries and in 
the form of precipitates in the grains (Pig. 4.7).
The smaller precipitates were angular with corners 
becoming more rounded with increasing size. It 
has been suggested that they are cubic (Magnier 
and Accary, 1964), but the presence of a finer phase 
in Pig, 4.7 could indicate that they are platelets.
It can also be seen in the figure that the sides 
of the precipitates do not have a rigid orientation 
relationship with the surrounding UC, Pig. 4.8 
shows a transmission electron micrograph, at 100 KV, 
of metal rich foil thinned electrolytically. Each 
of the larger precipitates has associated with it 
a dislocation line running adjacent to one side 
or edge. The central precipitate is irregular 
because of attack during the polishing and a small 
hole can be seen by the side. These precipitates 
are of the same size as the smaller ones in Pig.
4.7. A strain field can be seen around each 
precipitate and will be caused by thermal expansivity 
difference between the metal and UC or because of
— 1 08 —
fX  250
Figure 4,5 Typical area of batch RS13.
X 800
Figure 4.6 Typical area of batch RS15.
109
X  1500
Figure 4.7 Uranium precipitates in batch KB20,
Figure 4.8 Electron micrograph, showing uraniujn 
precipitates in association with dislocations.
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the uranium undergoing two phase transformation 
in cooling from the temperature it precipitates at 
to room temperature. The precipitates were too 
dense and large for an electron diffraction pattern 
to be obtained so the crystal structure and orienta­
tion relationship could not be determined.
The carbon concentration in the specimens 
from batch KB20 tended to be higher than indicated 
in Table 4.3, because of segregation of the metal 
to the bottom of the bar. This also led to a large 
error in the carbon determinations. A suitable 
upper limit would be 4*70 wt.% carbon.
Attempts were made to produce etch pits on 
samples from each batch. In carbon rich material 
with large UC^ platelets individual pits were seen 
but there was no evidence of the formation of sub­
grain boundaries (Fig. 4.9)« The material with 
finer UCp dispersion had a lineage substructure 
passing through the platelets (Fig. 4.iO) and there 
was some evidence of platelet clustering on the 
sub boundaries. No etch pits could be produced on 
samples with visible excess metal. This could 
either be from an alteration of the chemical 
effect of the dislocations or because of the intimate 
relationship between metal precipitates and the 
dislocations. Metal was preferentially attacked 
by the etch leaving large deep pits. No evidence 
of a subgrain boundary structure could be seen and 
the metal precipitates appeared to be evenly 
distributed.
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X 250
Figure 4.9 Etch pits between UG^ platelets in 
batch RSI3.
X 500
Figure 4.10 Etch pits forming subgrain boundaries 
running through UC^ platelets in batch RS15 •
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Some samples with no visible second phase, 
but which were probably slightly metal rich, were 
extracted from a bar with a concentration gradient. 
These could be etched easily. .A cleaved (100) 
surface is shown in Fig. 4.11. The subgrain 
boundary with the high dislocation density forming 
a right angled corner is typical as are the larger 
denser boundaries containing smaller less dense cell 
structure. On (100) faces the subgrain boundaries 
appeared to prefer to run along [lOO] directions. 
Fig. 4.12 shows triangular pits produced on a 
ground surface,
then etching was continued on carbon rich cry­
stals etch pits could be produced adjacent to the 
UCg platelets (Fig. 4.13). These only occur near 
the centres of large platelets and not near the
ends. The linear density of the pits is of the 
2 -1order of 2x10 mm , so they cannot be identified
with the mismatch dislocation found by Whitton
(1963), which have linear densities of at least 
4 —I
3 x 10 mm o Whitton however points out that on the 
basis of the thermal expansivity measurements of 
Wilson (1960) the mismatch between UC and UCp 
increases as the temperature is lowered. A likely 
explanation of the pits in Fig.4.13 is that they 
are caused by UC lattice dislocations drawn in 
by the thermal strain field around the platelets. 
Alternatively they could be caused by local 
stresses near the narrow twin bands observed 
crossing UC^ platelets by Eyre and Sole (1964).
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X 250
Figure 4.11 Subgrain boundaries on a cleaved 
surface of UC with no visible second phases.
X
X 1 25
Figure 4.12 Subgrain boundaries on a polished 
surface in UC.
- 1 1 4 “
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X 1000
Figure 4.13 Etch pits along UG^ platelets in 
batch RSI 3.
X 80
Figure 4.14 Etch pits under a hot hardness 
indent.
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Attempts were made to produce slip traces in 
UC crystal by hardness indenting at room tempera­
ture. In all cases the specimen cracked and 
chipped and no etch pits could be produced. Dia­
mond pyramid hot hardness indents were made at 
900°C. Carbon rich material again chipped badly. 
Fig. 4.14 shows the etch pit patterns found under 
a hot hardness indent in a sample containing no 
visible second phase. There was no evidence of 
slip traces as seen by Rhodes (1963) and the sub­
grain boundary network appeared unaffected. There 
was however evidence of gross dislocation multi­
plication. It is possible that . the subgrains 
were fixed by uranium precipitated, but were able 
to act as dislocation sources. There appears to 
be no increase in dislocation density near the 
specimen surface,
4.3.2 Secondary Creep in Carbon Rich UC
Six crystals were cut with orientations on 
all faces to within 2° of the <100>. Three crystals 
were cut with a compression axis parallel to within 
3^ of a <110> direction, but one broke immediately 
on application of the load. Cutting of specimens 
with orientations other than [ lOOj faces was 
difficult because of the ease with which carbon 
rich UC cleaves.
The steady state creep rates for each crystal 
are given in Table 4.4, together with the conditions 
at which the measurement was made. (The crystal 
numbers do not indicate the order in which the 
tests were made.) Crystals 1, 4 and 6 had only
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one phase visible on the completion of the test 
while the other crystals retained the UC^ struc­
ture, Some crystals, however, lost UC^ platelets 
near the surface lying in planes perpendicular to 
the direction of compression. The loss of the UCp 
was always accompanied by large primary strains 
(see sub-section 4^3.4), but when the original 
structure was retained secondary creep was reached 
after about 2% deformation.
The results of the stress increments are
listed in Table 4*5* If a stress dependence of 
» n
the type Ê CC cr is assumed, n is high being between 
8 and 14 in most cases. The large range in values 
of n suggests that other relationships such as 
e cc exp(pcr) or e oc exp(acr/RT) , might be more suit­
able. It can be seen from Table 4*5 that the cry­
stals from batch RS 15 have values for a and p in 
a fairly narrow range while those from batch RS13 
have values with a wider range.
In order to estimate the temperature dependence 
of the strain rate, the law ê = A exp(pcr-H/RT) was 
chosen and a mean value of p = 0,188 taken for 
batch RS15o Using values only from this batch a 
plot of In 8 - Per against l/T, Fig, 4,15, was used 
to estimate A and H. A least squares fit gave 
£ = 1 .93 X 10^^ exp(0,1 88 cr - 135x 1 0^/RT) , (in 
Fig, 4.15 and subsequent data plots, each point on 
the graph may represent more than one data value.) 
Crystal no, 7 from batch RSI3 gave strain rates 
which came close to this relationship. The other 
specimen from batch RS1 3 had strain rates much
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lower than those for RSi5 under the same condi­
tions. There was no significant difference in 
strain rates between crystals deformed along <100> 
directions and <110 > directions .
A carbon rich polycrystalline specimen, no,
18, with a grain size about 1 mm, was formed by 
melting and then fast cooling some material from
batch KB18. After 12% strain, at a temperature of
• o 21365 C and a load of 71 MN/m a secondary creep
__7
rate of 1 ,9x 10 hr was obtained. This is com­
parable with the rates found for single crystals 
fr om b a tch RS13 »
4o3«3 Secondary Creep in Metal Rich_UC
Two specimens, nos. 9 and 10, had very small 
grain sizes, about 50p, with a continuous film of
metal at the grain boundaries. They were loaded
at 40 and 30 MN/rn^  at temperatures of 975 and 855°C
respectively. Primary creep was followed by an
accelerating creep rate with no significant period 
of secondary creep. The transition from primary to 
tertiary creep occurred after about 1% deformation, 
this was followed by specimen disintegration. 
Metallographic examination showed extensive grain 
boundary separation.
The specimens with larger grain sizes all went 
into secondary creep after 1-2% deformation, but 
specimen no. 12 collapsed after 6% strain, A list 
of the secondary creep rates is given in Table 4.6. 
There were large variations in creep behaviour 
between specimens.
-  1 2 1  -
steady State
TABLE 4.6
in Metal
Batch
No,
KB 20/3
EB 20/5
Specimen
No.
11
12
Approx,
grain
size
<1 mm
< 1 mm
KB 20/9 13 1 mm
KB 20/9
KB 20/9
14
15
1 mm
1 mm
ICB 20/12 16 >1 mm
KB 20/5 17 100p
Temp.
(%G)
1020
1240
1240
1265
1099
1099
1100 
1142 
1142 
1140 
1193
1193
1195
1230
1088
1088
1089
1140
1140
1305
1309
1309
1206
1207 
1271 
1273 
1277 
1329 
1329 
1329
1329
1330
1339
1339
1223
1223
1223
1287
1285
1285
1324
1324
1324
1324
1239
1239
1279
1273
Stress Strain Rate
hr' •1 X 105
38.7
49.4
32.0
32.0
33.7
42.9
42.8
42.8
46.1
33.4
32.9
37.3
43.4
43.2
32.3
41 .0 
40 o 6
40.6
31.6
41.0
43.1
42.9
48.7
31.6 
30.4
36.2
42.0
41.8
47.3
32.9
33.3
33.3
33.1
36.6
29.3
33.0
32.8
32.6
23.3
23.3
23.1
28.4
31.9
33.3
38.7
49.3
48.9
32.8
9.3
28.3
30.7
73.2
9.8
23.7
22.2
33.3
66.3
29.7
99.6 
142 
233
321
38.2
16.3
13.3
32.3 
102
29.3
26.2
32.3
23.2
27.3
79.0
127
36.3
63.4 
120 
198 
233 
231 
403
437
26.6
37.3
36.3 
179
76.3
86.1 
139 
313 
468 
393
36.2
136
334
476
-  122 -
In Table 4.7 a correlation of the relation­
ship between stress and strain rate is attempted 
using the variables n and p as defined in the 
previous sub-section. For each specimen the varia­
tion of n with stress is less marked than for carbon 
rich material. Specimen nos, 12 and 13 gave values 
of n near 3 and a plot of In e - nln cr against l/T 
(Fig, 4.16) shows that the sc;ts of creep rates 
are close to one another. A least sq.uares fit 
gave e = 2,22x10^cr^ exp(-93.2x1 0^/RT) . The 
results from specimen no, 15 also had good self 
consistency and a least squares fit of the data 
in Fig. 4.17 gave s = 3 .21 x 1 "^®exp(-68.8x
10^/kT).
Although values of n appeared to be best for 
individual sp: cirnens, many of the values of p 
were close to 0,1 . The choice of p = 0.1 allows 
the creep rates of the various specimens to be 
directly compared. This is done in Fig. 4.18 with 
a plot of In G - 0.1 cr against l/T, The wide varia­
tion in creep behaviour could be attributed to 
either variations in excess metal content from 
specimen to specimen or to silicon contamination. 
Specimen nos, 15 and 17 were deformed after the 
silicone oil was replaced in the diffusion pump and 
contained less than 30 p,p,m. silicon. The other 
specimens, however, contain up to 200 p.p.m. sili­
con. Uneven staining of UC near grain boundaries 
indicated deep penetration of silicon along the 
boundaries. It should also be noted that specimen 
no., 12, which has the highest creep rate, collapsed,
- 123 -
T/iBLE 4.7 
Results of Stress Increments for 
Metal Rich Specimens
Specimen
NÙ. T
Initial
Stress
Pinal
Stress n P
12 1099
1142
1193
33.7
42.8 
32.9
42.9
46.1
37.3
3.65
2.43
2.82
0.096
0.055
0.081
13 1088
1l40
52.3
40.6
41.0 
51 .6
3.50
2.79
0.075
0.061
15 1329
1329
1329
41.8
47.5
52.9
47.5 
52.9
55.5
4.75
4.54
5.12
0.106
0.114
0.094
16 1223
1324
1324
1324
29.5
25.1
28.4
31.9
33.0
28.4 
31 .9
33.5
6.86
5.54
3.41
4.91
0.220
0.207
0.113
0.150
17 1239 38.7 49.3 4.21 0.096
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O spec. No. 12 
+ Spec. No. 13
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C
CO
I
•U)
-20c
G. 2.22x10° Œ-^ exp (-93>2xlO^)
R T
7369 7.16.7 7.06.8
* /t  (®K) X lO*^
Figure 4.16 Plot of inverse temperature against 
corrected strain rate for metal rich specimen 
nos. 12 and 13.
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6-76* 66 56-1 62 6-3
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Figure 4.17 Plot of inverse temperature 
against corrected strain rate for metal 
rich specimen no. 15,
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Figure 4.18 Comparison of the activation energies 
and strain rate of metal rich specimen nos. 
12-17.
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indicating that it might have contained more excess 
metal 0
4,5.4 Primary Creep
Many specimens tested had large primary creep 
strains and some never reached true secondary 
creep. In this Section three examples will be 
given of transient creep behaviour, that could 
indicate possible creep deformation mechanisms.
In tests for which secondary creep was reached 
within 1 or 2> strain, the primary creep could 
not be investigated because of the interference 
of strains in the load assembly and irregularities 
in the specimen ends, imdrade type primary creep 
was not observed, probably because of this.
Fig. 4.19 shows a plot of log ê against time 
for a c.rbon rich single crystal in which the UC^ 
platelets disappeared. For small times there is a 
period of ê oc t^ and then the primary creep con­
tinues in the form e exp(-kt)., This type of creep 
could be explained by a mechanism controlled by 
the depletion of a phase or structure at con­
stant rate. The mechanism cannot be only a shear 
or shear diffusion transformation or simply a volume 
change as the strains from these sources are too 
small. The strain rate should be given by the 
expression e = k exp(-kt), where a is the strain 
from the t ransformation and G is the initial con­
centration of the controlling phase or structure.
The slope of the line in Fig. 4.19 gives a reaction 
rate k of 0.084 and the intercept a value of ocC = 
0,96, If the UCp platelets are the transforming
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structure G is of the order 2x10 ^ so a will be 
about 5x10^. The enhanced creep rate is probably
\
caused by non-equilibrium point defect concentra­
tions, which by affecting the creep mechanisms, 
produce strains many times greater than the original 
transformation.
A similar type of primary creep strain was 
seen in the small grain size metal rich specimen 
nos. 9 and 10, The plot of log e against time for 
specimen no. 10 gives a straight line (Fig, 4.20), 
This can be interpreted as êœ exp(-kt) or e « e^-2,
The test v/as performed at a temperature of 
making creep of UC unlikely. The deformation pro­
bably came from the flow of uranium metal in the 
grain boundaries, As the metal was squeezed from 
positions of tension to compression the creep rate 
would decrease at a rate proportional to accumulated 
strain, /hen the process was complete grain bound­
ary opening occurred.
A' decreasing creep rate was noticed in speci­
men no. 15 at a temperature of 1l60'^ C, load 44 
MN/m ; the stress and temperature had to be 
increased before secondary creep was reached. The 
log of the transient creep rate is plotted against 
the log of time in Fig, 4.21 and a straight line 
of slope -1 was obtained. This is logarithmic 
creep, e « log(vt), found in many materials for 
conditions under which secondary creep is not reached. 
It is normally interpreted as a work hardening 
process.
The data points on Figs, 4.19 to 4.21 are
-  130 -
5 xlO
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IxlO
2 5x10'
IxlO
Time (hours)
Figure 4.20 Primary strain in grossly metal 
rich polycrystalline specimen no. *10. 
(stress 30 MK/m^, temperature 833^0)
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5x10
en
5x10
IxlO’
Time (hours) log scale
Figure 4,21 Primary strain in metal rich specimen 
ho# 15, (Stress 44 MN/m^, temperature 1160 0^)
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positions at which the strain rate was estimated.
The strain was monitored continuously.
4.3.5 Structure Changes After Deformation
The carbon rich single crystals oriented with 
the compression axis along a <100> direction, 
contained longitudinal cracks after deformation.
In some cases these split the specimen into a number 
of rectangular fingers, but the crystals were still 
able to support the load. The cracking is caused 
by tensile stress normal to the direction of com­
pression produced by barrelling of the specimen 
because of end friction with the tungsten platens,
A typical example is shown in Pig, 4.22. Surface 
oxidation can also be seen on this specimen, but 
it appears to have only penetrated about 50|i and 
not affected the substructure.
The etch pit patterns of the carbon rich 
crystals were changed considerably on deformation. 
Crystals which became single phase had a very fine 
subgrain structure, Pig, 4.23. The density of etch 
pits was very high and the subgrain size was of the 
order of 10p, A wide variation in dislocation 
density was observed in the crystals retaining UC^. 
In regions of low dislocation density linear strings 
and clusters of pits were seen (Pig, 4.24), while 
regions of high dislocation density shaved slip 
traces crossing the substructure. In all cases 
these roughly followed <110> directions.
X-ray back reflection patterns were taken on 
cleavage faces of the crystal before and after
- 133 -
X 100
Figure 4.22 Corner of a deformed crystal [100] 
parallel to the compression axis from batch 
RSI 3.
X 1000
Figure 4.23 Structure of crystal no. 1 after 
deformation, showing etch pits forming 
subgrain boundaries.
—  1 3 4  —
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K . 4  4 ,
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X  1000
Figure 4.24 Structure of crystal no. 5 after 
deformation, showing low etch pit density.
X  500
Figure 4.25 Structure of crystal no. 7 after 
deformation showing high etch pit density 
and slip traces.
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deformation, with copper radiation and a beam size 
after collimation of 1,1x 0.4 mm. Before deforma­
tion the Laue patterns were sharp with no asterism 
(Pig. 4.26a). Pig. 4.26b is a diffraction pattern 
from specimen no. 7 after compression in a <110> 
direction after 5/i strain. The Laue pattern 
shows asterism compatible with curvature normal to 
SiOOj on which the X-ray beam was incident.
Pig. 4.26c is from specimen no. 5, deformed 
also to 5%j but with the compression axis parallel 
to a <100> direction. There is evidence of curva­
ture both normal and in the plane of incidence but 
it was not possible to identify any exact zone of 
curvature. Specimen no, 1 was deformed over 30fo 
in the ^  00) and then appeared single phase. The 
pattern obtained from this crystal can be seen in 
Pig. 4.26d to have only traces of Laue spots. The 
main part of the pattern consists of portions of 
three powder doublets from the copper Ka. and KbCg 
radiation. These lines correspond to reflection 
from the [620], [ 600] + [424] and [531] planes.
The length of the segments indicatœa large lattice 
curvature (>20°) of all planes, which is consistent 
with the subgrain boundary formation seen in Pig. 
4.23.
The UCp disappeared from the polycrystalline 
carbon rich specimen no. 18 after deformation. 
Metallographic examination revealed that the grain 
boundaries were irregular and associated with the 
irregularity etch pits formed small subgrains (Pig. 
4.27). The size of these subgrains was of the
— 136 —
oo
a, Laue pattern 
from \mdeformed 
crystal from 
batch RS13.
b. Laue pattern 
from crystal no. 7 
after deformation.
o
c, Laue pattern 
from crystal no. 5 
after deformation.
d. Texture pattern 
from crystal no. 1 
after deformation.
Figure 4.26 Back reflection patterns on carbon rich 
UG before and after deformation.
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X 2000
Figure 4.27 Subgrain boundary concentration 
adjacent to a corrugated grain boundary in 
polycrystalline deformed carbon rich UC.
X 1000
Figure 4.28 Precipitate patterns in deformed 
metal rich UC,
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order of 54 next to the grain boundary and increasing 
in size further away. Similar behaviour has been 
observed in other materials after creep deformation,
e.g. in Magnox alloys (Langdon, 1965).
Killey (l970a) has observed the formation of 
smaller subgrain boundaries adjacent to grain 
boundaries in metal rich arc-cast UG, but not 
the corrugation. All the metal rich specimens from 
nos. 11-17 had some unevenness of the grain bound­
aries, but etch pits could not be produced to examine 
the dislocation structure. A typical micrograph 
of a deformed metal rich UG specimen is shown in 
Pig. 4.28, A mesh of ordered elongated fine 
precipitates can be seen within the grains. It 
must be presumed that they are uranium metal, but 
their exact nature, if they are rods or platelets, 
cannot be determined until electron micrography 
can be performed.
The final micrograph (Pig. 4.29) shows a 
deformed polycrystalline carbon rich UC specimen, 
the results of which were not included because of 
oxidation. There are signs of at the grain
boundaries, but the outer regions of the specimen 
were permeated by a network of UC^ platelets which 
have grown on the subgrain boundaries. The oxida­
tion on the surface probably allowed oxygen to 
diffuse preferentially along the subgrain boundaries. 
The oxygen can then allow UC^ and UgC^ to precipitate 
by substituting itself for carbon. This process 
is compatible with the U-G-0 ternary diagrams 
(Potter, 1970), which allow a few atomic % of
- 139 -
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»
X 500
Figure 4.29 UG^ precipitating on subgrain 
boundaries in an oxidised polycrystalline 
carbon rich UG specimen.
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oxygen to be accommodated before UOp is in equili­
brium.
4.4 Discussion
The deformation of carbon rich single cry­
stals has shown little difference between those 
compressed along <100> and <110> directions. If 
the operational system of deformation is<110>[l1l! 
there are eight modes with a resolved shear stress 
in a crystal compressed along a <100> direction and 
four modes when it is compressed along <110>. It 
has not been possible to fully interpret the Laue 
patterns shown in Pig. 4.26, because it is pro­
bable that more than one deformation mode is opera­
ting. However, the observation in Pig. 4.26b, 
that there is more lattice curvature normal to the 
[lOO] direction than to the [110] direction in a 
crystal compressed along a [I'lO] direction, is 
consistent with a [Oil] slip direction. The strain 
in this crystal in the [lOO] and [110] direction 
should be in the ratio 1 to 0.707 for a <11Q>[l1t. ] 
slip system. The measured ratio.was approximately 
1 to 0.5, but the barrelling of the specimen will 
exaggerate the effect. The slip traces seen in 
the deformed crystals run parallel to <110> direc­
tions. In view of these results a slip system of 
<110>[111] is suggested for the temperature and 
stress ranges studied here.
The difference between the present work and 
that of Killey (1970b) is probably caused by a
—  1 4 l  —
larger concentration of trace metallic impurities 
in the latter work. Norreys (1964) has shown 
that small amounts of dissolved tungsten have a 
large effect in UC, Van der Walt and Sole (196?) 
using a hard sphere model of the NaCl type lattice 
suggest that UG although preferring to slip on 
[111] planes would not require much energy to 
slip on the ^ 1 1 ,  which is the primary slip plane 
in uranium mononitride. This model suggests that 
slip in UC on IlOOl planes unlikely. The behaviour 
of zirconium carbide, however, indicates that the 
solid sphere approach may not be a good approxima­
tion for solid with some degree of covalent bonding. 
Lee and Haggerty (1969) have found that ZrC will 
slip on [lOOj, [110 Î or [I1lj planes in the <110> 
direction with similar ease, depending on the 
orientation of the applied lo^h. Zirconium carbide 
has a very similar ionic size ratio to that of UG.
In support of the slip system of < 001>{110j 
suggested by Killey (l970b), Hollox et al. (l97l) 
have seen deformation consistent wi'Ui such a system 
in a Vfc-(25/ô)fiC alloy, and have confirmed the 
presence of <100> dislocations by electron micro­
scopy.
Until further evidence to the contrary has 
been found th. primary slip system in UG from room 
temperature to 2000°G is probably of <110>[l1lj type. 
4.4.2 Secondary Creep in UG
The results of the present work are compared 
with those of Bentle et al. (1963) and Killey 
(1970b) in Pig. 4o30. The creep rates of the
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Killey carbon rich crystals deformed along a <110> 
direction fall in the range of his arc-cast results, 
which needing a higher stress to give similar strain 
rates to Bentle*s, is consistent with the presence 
of a hardening impurity. Bentle’s data, when 
extrapolated to lower temperatures, agree well with 
the carbon rich data of the present work. This 
is consistent with a single deformation mechanism 
operating over the whole temperature range.
The creep activation energy was measured as 
135 Kcals/mol for carbon rich single crystals, 
which can be compared to similar values for poly­
crystalline carbon rich UC in Table Ud » Bentle, 
however, did not measure the activation energies 
of his carbon rich specimens. This value of the 
creep activation energy is higher than the activa­
tion energy of uranium diffusion in UC. If volume 
diffusion controls the creep mechanism, the creep 
activation energy should be that of the slowest 
diffusing species (a justification of this 
statement can be found in Appendix C). The creep 
process in UG is therefore most likely to be 
partly controlled by uranium diffusion and partly by 
a temperature dependent structural variable.
There is too little information to suggest a 
specific mechanismo
There was not such good agreement between the 
metal rich specimens of the present work and those 
of Bentle et al., as there was for the carbon rich.
If Bentle's metal rich data in Pig. 4*30 is extra­
polated to lower temperatures one would expect much
— 1 4 4  “ *
lower stresses to give the same strain rate than 
were measured. This could be explained by the 
excess metal dissolving completely in the UC 
lattice at temperatures over 15C0°C. If this 
is the case the uranium carbide will behave in a 
manner similar to transition metal carbides, which 
usually have a wide range of composition while 
remaining single phase, Bentle's metal rich 
single crystal creep behaviour is similar to that 
of the arc-cast material of Chang (1961), namely a 
creep activation energy of about 37=5 Kcals/mol 
and a stress index of 4-6„ Both ZrC (lee and 
Haggerty, 1969) and TiC (Chang, 190) have similar 
stress behaviour. The low activation energy of the 
UC creep is probably due to the mechanism being 
controlled by short circuit diffusion of the uranium 
through the dislocation sub-structure. Several 
mechanisms have been proposed to account for the 
creep behaviour of UC in the temperature region and 
for other ceramic materials; these are compared by 
Chang (1963).
The lower creep rates observed in ire tal rich 
UC for temperatures below 1300°C than could be 
expected from the higli temperature behaviour are 
probably due to the presence of uranium precipitates, 
There is evidence, from hot hardness measurements, 
that the presence of excess metal might pin dis­
locations, French and Hodkin (19^3) found that at 
temperatures up to 800°C arc-cast metal rich UC 
was harder than carbon rich. At higher temperatures
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when creep becomes significant the metal rich 
material becomes the softer. The creep mechanism 
usually associated with the pinning of dislocations 
by a precipitate is the viscous drag of the pre­
cipitate by diffusion around it. The activation 
energy of this process would be in this case that 
of carbon, as the precipitate is uranium, which 
agrees with the observed activation energy of 
approximately 70 Kcals/mol, This type of creep is 
linearly dependent on the stress. The dislocation 
arrangements can however alter the effective stress 
felt by the moving dislocation and larger.sensi­
tivity to stress obtained (VJeertman, 1937).
Larger creep rates, lower activation energies 
and less sensitivity to stress are seen in metal 
rich UC of smaller grain size but for the same 
temperature and stress range as the present work. 
The activation energies are also different about 
45 Kcals/mol, Killey (1970a) suggests a Herring- 
Nabarro creep mechanism, operating on the subgrain 
boundary network. Carbon vacancy diffusion is 
proposed as the controlling process, with short 
circuit of uranium along the subgrain boundaries 
keeping the chemical distribution constant. The 
difference in activation energy for creep and for 
carbon self diffusion is explained using the hypo­
thesis of Schtile and Spindler (19&9) that at 
temperatures above 1100^0 carbon diffusion is by 
divacancies and below by monovacancies. The sub­
grain boundary creep coefficient for uranium metal 
found by Lindner (1967) indicates that this process
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IS rnucn slower than carbon vacancy diffusion, so 
uranium diffusion should be the controlling process, 
(An effective diffusion coefficient for grain or 
subgrain boundaries can be substituted for one or 
both components in the argument of Appendix C .)
The activation energy, approximately 30 Kcals/mol, 
is smaller than the creep activation energy of 
43 Kcals/mol. An explanation of this is provided 
by observations of Killey (l970a). He noticed a 
movement of metal from the grain boundaries to the 
interior of the grains. The process is probably 
partly controlled by the non-equilibrium movement 
of metal from the grain boundary by carbon vacancy 
diffusion, and partly by uranium metal diffusion 
along the sub-boundaries. Provided the subgrain 
boundary size is constant, the creep rate will 
be inversely proportional to the square of the 
grain size, as only the subgrains adjacent to the 
grain boundary will have a source of metal.
This accounts for the differences in creep beha­
viour of arc-cast and sintered UC and also for the 
observation by Killey (1970a) of deformation in a 
layer next to the grain boundaries.
Future work on this type of material must be 
carried out in an improved vacuum, in order to take 
advantage of the initially low oxygen content. This 
would also preserve polished specimen surfaces for 
examination for slip steps. Improved post deforma­
tion examination techniques are also required, 
particularly electron microscopy. This would
— 147 —
enable dislocation structure to be observed and 
second phases to be identified.
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CHAPTER 3 GENERAL DISCUSSION
3ei The Mechanical Behaviour of Carbide Fast 
Reactor Fuel
3 c1.1 Creep Deformation of Carbide_ FueIs
There are two major problems in relating creep 
studies, such as the present one, to the behaviour 
of the fuel in the reactor. The first is the 
difference between material made in the laboratory, 
and production fuel pellets, which will contain 
fabrication porosity, dissolved oxygen and be alloyed 
with PuC. The second problem is the environment 
inside the fuel pin. The fuel will be subjected 
to fission, a temperature gradient and stress with 
a larger hydrostatic component than in a compressive 
creep test.
A preliminary study of the effect of plutonium 
on thermal creep in UC has been made by Killey 
et al. (1970), with the conclusion that 13^  ^Pu 
substituted for U makes little difference. This 
is consistent with plutonium monocarbide and uranium 
monocarbide being completely soluble in one another. 
Investigations of the U-Pu-C ternary system indicate 
that as much as 63% Pu can be substituted for U 
before significant structural changes occur 
(potter, 1968). However, the phase UC-, metestable 
in most carbon rich UC specimens, is probably not 
present at the temperatures of interest, when some 
plutonium has been added. The effect of porosity 
and oxygen on creep in UC have not yet been studied.
Of the environmental variables irradiation is
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the most important, though volume non-conservative 
deformations, e.g. grain boundary separation and 
porosity closure, are affected by hydrostatic 
stress. There are three ways in which irradiation 
influences fuel deformation behaviour; by altering 
the structure,by irradiation creep, and by changing 
the elemental composition of the material.
The transformation of UG^ to in carbon
rich UG occurs much faster and at much lower 
temperatures during irradiation. Small fabrica­
tion pores sinter and grain growth occurs at lower 
temperatures. In addition fission products accu­
mulate in the fuel. Any of these processes may 
affect the thermal creep rate.
The irradiation creep of UG has yet to be 
investigated fully, Glough (1970) has a single 
measurement, indicating that the effect is similar 
to that in UOp. Brucklacher et al. (1970) have 
concluded that the higher thermal conductivity 
of UG will reduce the production of point defects 
in fission fragment trails, which in turn will make 
the irradiation creep rate relatively lower. In 
support of this they have used the deformation 
behaviour of irradiation capsules to derive a creep 
ratio for UG two orders of magnitude lover than 
that of oxide under the same conditions. If such 
a difference is real, the levels of stress encountered 
in carbide fuel will be very different from those 
in oxide. It is therefore important for the irradia­
tion creep behaviour of UG and (UPu)G to be quantified 
as soon as possible.
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There is still a need for out-of-pile thermal 
creep measurement on UG. Of particular value would 
be tests on carbon rich material annealed so that 
all UGg is converted to U^G^. Also required are 
the effects of grain size, oxygen content and 
fission products,
5.1.2 Carbide Fuel Compared to Oxide Fuels 
This sub-section will restate the main 
differences in the fuel pin behaviour of oxide and 
carbide, on the assumption of similar irradiation 
creep rates. The higher thermal conductivity of 
carbide leads to lower fuel centre temperatures and 
less thermal creep. Temperature dependent swelling 
also occurs at lower temperatures than oxide, so 
carbide fast reactor fuels are particularly 
dependent on irradiation creep for controlling the 
level of stress. The use of the same irradiation 
creep rate as UOp predicts that a carbide fuel 
will deform the clad by irradiation creep at 
clad surface temperatures below 450 G^ and by thermal 
creep at temperatures above 550°G for pins with 
low power densities. Oxide fuels, however, will 
not deform the clad under normal fast reactor 
conditions.
5.2 Fast Reactor Fuel Pin Calculations
5.2.1 The Relative Effect of Fuel Variables
The following deductions can be made from the 
results of Ghapter 3. The interaction stress 
between the fuel and the clad is very sensitive to 
the fuel irradiation creep rate, especially at low 
temperatures and power densities. The fuel
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irradiation creep rate is the major mechanical 
variable to be defined, but it is not yet known 
with sufficient accuracy. The second most important 
variable is the fuel-clad interface thermal resi­
stance, which controls the fuel surface temperature. 
Also important is the temperature dependent swelling 
rate, particularly at lower temperatures, where 
fuel irradiation creep dominates thermal creep.
The magnitude of the fuel thermal creep rate is 
not itself very important but the sensitivity to 
stress and temperature controls the temperature 
at which thermal creep becomes dominant over irra­
diation creep and the temperature at which fuel 
stresses become insignificant. The other mech­
anical variables, e,g, the elastic moduli, primary 
creep parameters, thermal expansivity, are rela­
tively insignificant with regard to steady state 
behaviour, but some may be important in determining 
the power cycling and transient characteristics.
5o2,2 The Prediction of Fuel Pin Failure
One of the final aims of fuel pin calculations 
is the prediction of pin failure and the estimation 
of pin end of life. This requires good creep 
rupture data, together with the effect of radia­
tion damage, which are not yet available. It is, 
however, worth looking at how this problem might 
be tackled.
A method has been developed by G-arkisch (l970), 
which stresses two statistical aspects of failure; 
the uncertainties in the parameters controlling 
strain and in the rupture probability at a given
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property and each operating condition variable.
The Monte-Carlo method is then used to obtain a 
probability distribution of strain reached after 
a given time. The interference of this distribu­
tion with the distribution of probability of failure 
with strain gives the probability of pin failure 
at that time. This method has only been used to 
determine failure from fission gas pressure exclu­
ding fuel variables. It would be too wasteful of 
computer running time to be used for the more com­
plex fuel-clad interaction problem. The Monte-Carlo 
technique requires many estimates of the strain in 
order to map out the probability distribution.
The only practical method, although less elegant, 
is to estimate the variu.nce in strain from the 
variance in each variable, by making small changes 
in the variables and ignoring cross terms.
A further experiment, which extends the use­
fulness of failure estimation to power cycling, 
is to calculate damage factors for the strain 
accumulated under each set of conditions. The 
damage factor is defined as the strain in the incre­
ment divided by the strain to failure under the 
conditions of the increment. Failure is predicted 
when the sum of the damage factors total unity.
This approach has already been tried in the com­
puter code SVJELL (Bump, 1970),
5o2.3 Data Evaluation
In the present work a set of materials' property 
data was chosen, the effect of varying some of the
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pared with irradiation experiment results, If 
the predictions do not fit the observations either 
the data is inadequate or too simple an approxi­
mation has been made. Other workers, particularly 
in the USA, favour calibration of data with 
irradiation results.
The code DEFORM has been used with a 8IMPLEX 
type optimisation algorithm to calibrate data to 
experimental results (Merckx, 1970), Seven 
variables were fitted and the results showed that 
enormous changes were required for the data to fit 
the experiments. Such a large number of variables 
fitted to data which itself has a large uncertainty 
is liable to produce a calibration with no physical 
meaning, useless for extrapolation,
A more realistic attempt has been made by 
Boltax et al, (1970) This uses a simplified model 
of voidage accommodation, with only one variable 
to be fixed empirically. However, the author feels 
that if extrapolations are to be meaningful the 
materials' properties data should give good agree­
ments with experiment without calibration.
Further comparison of different techniques 
for fuel pin calculation and the philosophy behind 
their use are given by Showman et al, (1971) and 
Matthews (l97l).
5o2.4 Towards a Complete Fuel Pin Mechanical Model 
Chapter 2 has described a method of calculating 
the elastic stress in a finite fuel pellet in
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described methods for solving both elastic and 
non-elastic deformations in one dimension. For a 
complete understanding of fuel behaviour it would 
be desirable to describe the effects in Ghapter 3 
for two spacial dimensions. One possibility 
would be to extend the two dimensional thermal 
stress analysis program to include time dependence 
in a manner similar to that of GYLIND, This type 
of approach can also be used with the finite element 
technique, which has bea n done by Sutherland (1970). 
This approach, however, requires large computer 
storage capacity and long running times. The 
simplicity of the boundary configuration might 
make a variational approach more attractive. The 
method used by Veeder (1967) to attempt to solve 
the two dimensional thermo-elastic problem, could 
be improved by choosing a more suitable global 
function and using more terms. The steady state 
creep behaviour can be treated in a similar manner, 
perhaps using the same global function, by finding 
an extremum in the deformation dissipation rate 
rather than the strain energy. The time in which 
the internal stresses are approaching their steady 
state values could be treated by the method suggested 
at the beginning of sub-section 3.5.1.
5.3 Conclusions
The following conclusions have boon reached in the 
proceeding Chapters, Conclusions 1-9 arc based on the 
stated data and fuel pin configurations and do not 
necessarily indicate the performance of the fuel finally
- 155 -
X  V /X  UXXVJ X X X I  CXXXVJ. k3 IX V ^ V ^ V jV ^ V X X X X ^  X  U U X  O  L /C i l l lO  *
1o Ridging in fast reactor clad is more likely to
arise from temperature dependent swelling than 
thermo-elastic effects.
2e Thermal stresses in both oxide and carbide
pelleted fuels will result in extensive cracking. 
This in turn will increase the time for the pin 
to reach mechanical steady state,
3. The most important parameters in determining fuel 
steady state stresses are fuel irradiation creep 
and the fuel-clad interface thermal resistance,
4. Oxide fast reactor fuel swelling will not cause clad 
deformations comparable to clad swelling, provided 
sufficient voidage is available,
3o Carbide fast reactor fuel swelling may cause
significant clad deformation, at clad temperatures 
below 450^0 from clad irradiation creep and in low 
power density fuel at temperatures above 550^C 
from clad thermal creep,
6. Distributed porosity is more efficient at accommo­
dating fuel swelling than a central hole for fast 
reactor operating conditions,
7. Fuel axial extrusion should not occur in fast 
reactor fuel pins. Changes in pin length will 
be mostly controlled by clad swelling.
8. Steady state deformation of the fuel and clad will 
be reached after 5-20 days of constant operating 
conditions,
9. Power cycling calculations for the clad should 
include the effect of fuel contact pressure. Terms 
should not be treated separately,
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10o The slip system in uranium monocarbide is of the 
type in the temperature range 1000-
1300°C.
11o There is probably a single creep mechanism opera­
ting for carbon rich UC in the temperature range 
1000-2000°C.
12o Carbon rich crystals of UC in vhich UC^ disappeared 
during deformation experienced a large primary 
creep strain obeying a depletion law.
13• Creep in zone refined metal rich UC is more sensitive 
to stress and temperature than arc-cast and sintered 
materials of smaller grain size.
14. There is a change in creep mechanism in metal rich
UC, when the temperature is high enough for all the 
metal to go into solution.
-  1 5 7  -
References
Anderson R,G., 1962, U.K.A.EoA. internal document, 
Springfieldse
Earner J.O., 1970, Los Alamos Re ort LA-4669-MS.
Barnes B. et al,, 1956, Progress in Nuclear Energy V, 
Pergamon,
Belle J,, 1958, 2nd Int. Gonf, on Peaceful Use of Atomic 
Energy, Geneva, Vol. 6, p.569.
Bentle G.G., Ekstrom P.E., and Chang R., 1963, Atomics 
International, NAA-8R-8108«
Biot M.A., 1956, J. Appl, Phys., 27, 240.
Bohaboy P.E., and Evans S.K., 1970, Conf. on Plutonium and 
other Actinides, Nucl. Met., W, 478.
Boltax A., et al., 1971, A.N.8. Conf. on Past Reactor Fuel 
Element Technology, New Orleans.
Boltax A., Murray P., and Biancheria A., 1970, Nucl. Appl,
& Tech., 2,, 326.
Brucklacher D., Dienst W., and Thhmmler F«, 1970, Int. Mtg. 
on Fast Reactor Fuels and Fuel Elements, Karlsruhe.
Bump F.R., 1970, Nucl. Appl. & Tech., 301.
Cawthorne C., and Fulton E.J., 1967, Nature, 216. 575.
Chang R., 1962, J. Appl. Phys.,
Chang R., 1963, Physics and Chemistry of Ceramics, Ed.
G, Klingsberg (New York, Gordon and Breach).
Chubb No, Getz R.N., and Townley C.W., 1964, J. Nucl. Mat., 
11, G3.
Claudson T.T., 1970, Int. Mtg. on Fast Reactor Fuels and 
Fuel Elements, Karlsruhe.
Clough D.J., 1970, Int. Mtg. on Fast Reactor Fuels and Fuel 
Elements, Karlsruhe.
van Craeynest J.C., and Weilbacher J.C., 1968, J. Nucl. Mat.,
26, 132.
Dalton J.T., 1971, A.E.R.E., Harwell, work to be published. 
Duncombe E., and Goldberg I., 1970, Nucl. Appl. & Tech.,
QZ, 47
- 158 -
Henney J., Hill N.A., and Livey DoT., 1962, AERB-R 41/2»
Hicks E.P., 1969, UoK.A.EoAo internal document, Springfields«
Hicks E.P., 1970, U.K.A.E.A. Springf ields, private cogimunica- 
tion.
Hollox G.E., et al., 1971, J» Mat, Soi., 6, 171.
Horvay G. and Mirabel J.A., 1958, J. Appl. Mech., 25., 56I .
Horvay G., Giaever I., and Mirabel J.A., 1959, Ingénieur 
Archiv, 2%, 179.
Hoyle R., 1964, Thermal Stress, Eds. P.P. Benham and 
R. Hoyle (London, Pitman).
Imoto S. et al., 1964, Carbides in Nucl. Energy, Ed.
L.E. Russell (London, Macmillan).
James E.E., 1964, Thermal Stress, Eds, P.P. Benham and 
R. Hoyle (London, Pitman).
Jankus V.Z., and Weeks R.W., 1970, Argonne National Lab., 
ANL-7736.
Killey N.M., 1970a, submitted to J. Nucl. Mat.
Killey N.M., 1970b, submitted to J. Nucl. Mat.
Killey N.M., King E., and Hedger H.J., 1971, J. Brit.
Nucl. Energy Soc., Jan.
Kjaerheim G. and Rolstad E., 1969, Nucl. Appl. & Tech.,
Z, 347.
Kradkowski R.A., 1969, J. Nucl. Mat., 120.
Kronberger H., 1968, Atom, No. 138.
Lambert J.D.B., Paris R., and Bainbridge J.E., 1971,
AERE-R 6740.
Langdon T.G., 1965, The role of grain boundary sliding in 
creep, Ph.D. Thesis, University of London.
Lee H.M., and Barrett L.R., 1967, Brit. Ceram. Soc. Jnl.,
z, 159.
Lee D.W., and Haggerty J.S., 1969, J, Am. Ceram. Soc., jj_2, 641.
Lindner R., Reimer G ., and Scherff J.L., 1967, J. Nucl. Mat., 
21, 222.
Lomer W.M., 1957, Inst, of Met. Monograph No. 23.
—  160 —
Evans A.G., and Davidge E.W., 1969, J, Nucl. Mat., 31, 249.
Eyre B.L., and Bartlett A.F., 1966, Phil, Mag,, 1^, 641.
Eyre B.E., and Sole M.J., 1964, Carbide in Nuclear Energy,
Ed. L, E. Russell (London, Macmillan).
Passler M.H., Heugel E,J,, and DeCrescente K.A., 1965,
Pratt and Whitney report, Pv/AC-482, pt. I.
Pilon L.N.Go, 1902, Trans. Roy. Soc. London A198.
Findlay J.R., 1971, A.E.R.E,, Harwell, private communication.
Frame A.G. et al., 1966, B.N.E.S. Conf. on Past Breeder 
Reactors (Oxford, Pergamon).
French P.M., and Hodkin D.J., 1965, Inst, of Metals Conf, on 
Plutonium (London, Chapman Hall).
Freund D., and Sari C., 1970, Int. Mtg. on Fast Reactor Fuels 
and Fuel Elements, Karlsruhe,
Frost B.R.T., 1970, Nucl. Appl. 6 Tech., 2., 128.
Fryer G.M., 1969, Trans. Brit. Ceram. Soc., 68, 181.
Fulkerson W, et al., 1970, Conf. on Plutonium and other 
Actinides, Nucl, Met,, 1J7, 374.
GarkiscK H.D., 1970, Int. Mtg, on Fast Reactor Fuels and 
Fuel Elements, Karlsruhe.
Gilbert E.R., and Blackburn L.D., WADCO Corporation, 1970, 
Vv'HAN-P'R-30.
Gittus J.H., Howl D.A,, and Hughes H., 1970, Nucl. Appl, 
Tech., 2, 40.
Greenbaum G .A., and Rubenstein M.F., 1968, Nucl, Eng.
Design, 7, 379.
Greenwood G.Vv., Foreman A.J.E., and Rirnmer D.E., 1959,
J. Nucl. Mat., 1^, 305.
Griffiths L.B., I96I, AERE-M 1049.
Griffiths L.B., 1962, Phil. Mag., %, 827.
de Groot S.R., 1966, Thermodynamics of Irreversible Processes 
(North Holland),
Guyette M., 1969, G.f.K. Karlsruhe report, KFK-IO5O.
Harrison J.W., 1969, J. Nucl. Mat., 30, 319.
- 159
Love À.E.Ho, 1944, Mathematical Theory of Elasticity 
(New York, Dover). _  ^  ^ „
Pv M M .J J.- j (Vccç»'«y Artt-w-. .  ^< W-/ .
Magnier P., and Accary A., 1964, Carbides in Nuclear 
Energy, Ed. LIE. Russell (London, Macmillan).
Marples J.A.G., and Hough A., 1970, Conf» on Plutonium and 
other Actinides, Nucl. Met., 1^ , 497.
Matthews J.R., 1970, Int. Mtg. on Past Reactor Fuels and 
Fuel Elements, Karlsruhe.
Matthews J.R., 1971, AERE-R 6815,
Merckx K.R., 1968, Battelle North West Laboratory, BFn/i/L-663,
Merckx K.R., 1970, Nucl. Appl. & Tech., £, 309.
Mosedale D., et al., 1969, Nature, 224. 1301.
Murray F.H., 1945, USAEC report, AECD-2966.
Nelson R.8., 1969, AERE-R 6092.
Norreys J.J., 1964, Carbides in Nuclear Energy, Ed.
L.E. Russell (London, Macmillan).
deNovion C.H., et al., 1970, Conf. on Plutonium and other 
Actinides, Nucl. Met., 1_%, 509.
Odqvist F.K., 1966, Mathematical theory of creep and creep 
rupture, Oxford University Press,
Parkus H., 1964, High Temperature Structures and Material, 
Eds. Freudenthal et al, (Oxford, Pergamon Press).
Perrin J.S., 1971, J, Nucl. Mat., 32, 175.
Potter P.E., 1968, AERE-R 5922.
Potter P.E., 1970, AERE-R 6438.
Powell M.J.D., 1968, AERE-R 5947.
Rhodes C.G., 1963, Trans. Met. Soc. All/IE, 2£7, 286,
Ritzman R.L., et al., 1970, Nucl. Appl. & Tech., 2> 167.
Rough F .A., and Chubb VJ., 1960, USAEC repor t, BMI-1488.
Schtile Vv'., and Spindler P., 1969, J. Nucl. Mat., 3S> 20.
CW-A c-n ^ , 3. . Av>.v4- ,oi.
Shewmon P.O., I9 6 3, Diffusion in Solids (New York, McGraw- 
Hill) .
— 161
Shewmon P.G. et al.', 1971, IVth Int. Conf. on the Peacoiul 
Use of Atomic Energy, Geneva paper 838.
Small N.C., 1965, Westinghouse report, vJAPD-TM-421 .
Stellrecht D.E., Parkas M.S., and Moak D.P., 1968, J. Am. 
Ceram. Soc., 455.
Stora J-P et al., 1964, Saclay Report, CEA-2586.
Storms E.K., 1967, The Refractory Carbides (New York, 
Academic Press),
Sutherland W.H., 1970, Nucl. Eng. & Design, 1j^ , 269.
Timoshenko S., and Goodier J.N., 1951, Theory of 
Elasticity (New York, McGraw-Hill).
Valentin R.A., and Carey J.J., 1970, Nucl, Eng, & Design, 12, 
277.
Veeder J., 1967, Canadian report, AECL-2660.
Villaine P., 1968, Saclay report, CEA-3436,
Wallace T.C., et al., 1968, Plansee Seminar- 6.
van dor Walt and Sole M.J., 1967, Acta Met., 1^, 459,
Weertman J., 1957, J• Appl, Phys., 28, 1185.
V/hitton J.L., 1963, U.K.A.E.A. Dounreay, TRG-R 612.
YsJidera O.E., and Weeks R.W., 1970, Argonne National Dab,, 
ANL-7630.
Wilmore D,, 1971, A.E.R.E., Harwell, private communication.
Wilson W.B.J., i960, J, Am, Ceram, Soc., 77.
Youngdahl C.K., I969, Int. J. Eng, Sci., %, 61.
Zienkiewcz O.C., 1967, The Finite Element Method (New York, 
McGraw-Hill).
Zudaus Z., Yen T.C., and Steiglmann W.H., 1965, Thermal 
Stress Techniques in the Nuclear Industry (New York, 
Elsevier),
-  162 -
APPENDIX A
The Extension of Anderson's Model for the 
Axial Extrusion of a 
In 1960 Anderson produced a very successful approxima­
tion for the axial extrusion of a swelling fuel. This 
treatment allowed for accommodation of swelling by axial 
extrusion and by clad radial deformation alone, but the mag­
nitude of the swelling accumulated in a fast reactor fuel makes 
either of these processes undesirable. This Appendix attempts 
to extend Anderson’s analysis to the deformation of the fuel 
into a central hole or into the spaces between vibro-compacted 
particles.
Rigorous analytical solutions of finite and half infinite 
cylindrical mechanical systems are very difficult. The solu­
tions are complex and,as the matching of the boundary conditions 
is often impossible,numerical solutions are frequently used. 
Fortunately, the present problem requires only an estimate of 
the conditions under which axial extrusion occurs. Anderson’s 
method of obtaining this estimate requires the forfeit of 
the condition of radial stress equilibrium. The equation 
for radial equilibrium is, however, used in assessing the 
errors in taking the approximation.
■ It will be assumed that creep in the system has attained 
dynamic equilibrium with the swelling rate. The relation­
ships, between the creep rate components v , Vq and v^, the 
radial displacement u, the axial displacement w, and the 
volume change rate AV/V, are given by:
= |(2cry-^e-'"P = (A.1a)
^6 = “"r" = r " | v  (A.1b)
^z = §(2^2- Og) = | f - ^  (A.1c)
A1,
"rz = 2" "rz = 2^üF"-â^^
where B is the unaxial creep rate.
In annular fuel the volume dilation rate is equal to the 
fuel swelling rate, i.e. AV/V =8. In vibro fuel porosity 
closure is assumed to be proportional to the hydrostatic 
stress a", hence A V/V = S +Atf"-
For simplicity, B, A and S will be assumed to be 
constant with position. This is quite a good approximation 
for annular fuel, as the pin deformation is controlled by the 
cooler outer rim of the fuel, where fuel irradiation creep 
and ’solid’ fission product swelling dominate. Vibro fuel 
is much more complex, but the solution has been included 
as its implications are interesting. In both cases the clad 
will be considered much stronger than the fuel, so at the 
fuel-clad interface radius b, u = 0.
Ao1 Annular Fuel
Consider a fuel column with a central hole of radius 
a. An axial position, z, will be referred to one end of the 
fuel, z = 0„ As z becomes large the solutions for stress 
and radial displacement rate in the fuel must approach the 
long cylinder values, so:
Q- _ _ (■>} _ ^)G(z) (A.2a)
3Ba^ r^
2 2
O' = - (a + ~)G(z) (A.2b)
3Ba^ r^
Û = - "gp (b^- r^)G(z) (A,2c)
where G(z) is an arbitrary function with the property 
G(z) — > 1 clS Z oo ,
Inserting (A.2a), (A.2b) and the differential of (A.2C) 
with respect to r into Eq. (A,1a) the expression for cr is 
obtained:
A2
which gives the correct limit as z — > °o „
The shear stress is connected to the radial stress by 
the friction between fuel and clad p :
(T - - 4cr = - ^ )G(z) o (Ao5)
 ^ 3Ba b
The shear stress must also be zero at r = a, hence 
the simplest expression which satisfies the boundary con­
ditions and is consistent in r for Eq, (2,3) is:
—  (r2_a2)G(2)^ (A.6)
ja^Br
Differentiating (A,4) and (A,6), making the appropriate 
replacements in (3»5) and simplifying, a first order differ­
ential equation is obtained for G(z) consistent with axial 
equilibrium
4^G(z ) + .G(z) = 0, (A,7)
(b^Ak3a )
G(z) can now be obtained by integrating (A.7), the 
integration constant being chosen to comply with G(z) — > 1 
as z — > Additionally o' = 0 when z = 0 as the fuel end
surface is traction free. Hence from Eq, (A,4)
;xp (---, (A.8)
+ 3a )
The stresses can now be calculated by substitution 
into the relevant expressions. The most convenient measure 
of the extrusion rate is the axial strain rate ôw/ôz 
obtained from Eq, (A.1c):
H  . exp . (A.9)
The distance from the fuel end after which the axial
strain rate drops to 0,1 of its original value is :
2 .^ 2'
z = 1 0 .  ( A . 1 0 )
A3
(tr + 3a^)
|i =0,5 for a UOp-stainless steel interface is appropriate. 
So for a fuel of 80^ 5 smear density, Eg, (A,10) indicates 
that no significant axial movement of the fuel will occur at 
distances greater than about 3 pin diameters from the fuel 
end.
Returning to the validity of the approximation and 
following Anderson, Eg. (A,2a) and (A,2b) are inserted in 
the stress equilibrium equation (2,4) to give:
= 0. (A.11)
ÔZ
Differentiating Eq. (A.6) with respect to z shows that
p
terms proportional to q remain in Eg. (A.ll). As fi = 0,3, 
remains accurate up to several pin diameters away from 
the fuel ends. For larger values of z the errors become 
significant as can be seen, for Eq. (A.6) does not tend to 
zero as z — > oo,
Ao2 Vibro-compacted Fuel
In this section a solid fuel column is considered.
The radial and hoop stresses must be expressed as:
^r ~ G ( z )  (a.12)
and the radial displacement rate:
Û = 0, (A,13)
Using the same techniques as in Section A.1 the axial
stress is given by
8 [G(z)(3B+W- 6A] , .
z - ~ 3k ~ (3B- 2A) (A.14)
and the shear stress
(A-15)
Substituting (A.14) and (A.15) into the equation for axial 
stress equilibrium (3°3), the differential equation for 
G-(z) is obtained.
A4
If there is no porosity closure, A = 0, then the solution for 
G ( z ) goes to that obtained by Anderson for axial extrusion 
alone:
G(z) cc exp (2q z/b). (a ,17)
For axial extrusion to decay, as z increases A must be less 
than 3B/2, The lower limit on the rate of porosity closure 
is probably set by the deformation of material into spherical 
pores by a bulk creep mechanism. However, porosity closure 
in practice will be faster than this, because of the effects 
of pore surface energy and microstructure. The analysis by 
Small (1968) of the rate of closure of spherical pores gives 
a value of A = where p is the ratio of porosity
volume to bulk volume. Small also suggests that the porosity 
will affect the creep rate by a factor of 1/(1- p), Thus it 
would appear that axial extrusion will occur, unless the 
porosity exceeds 60% of the volume which is outside the range 
of both the validity of Small’s analysis and that likely to 
be encountered in practical vibro fuels. If the expression 
for axial strain is written down for this case, it will be 
seen that for finite porosity closure rates, the strain 
becomes negative at large values of z.
Il ■ T3B ? W y a
where cc = 2p(3B- 2A)/b(3B + 4A).
This occurs because the boundary condition = - P-o" breaks
down and must be replaced by w = 0 at r = b for z greater
than some value. In the case of a fuel with a smear density
of 80% this will be at about 2.5 diameters from the fuel end.
Hence the distance for which axial extrusion is important is
similar in both vibro-compacted and annular fuel of the same 
smear density,
A3
Materials Properties Data for Calculations 
B,i Fuel
Therma 1 G o_nduc_t i V i t y
Craeynest and Weilbacher (1968) have found that the ther­
mal conductivity of stoichiometric (Uq gPu^ has a
temperature dependence of the form 1/(A+BT). At 300°G 
— 1 — 1k = 4*8 Vi/ m C and this value drops rapidly up to 2.3
W m Iq 1 at 1200^0 and then remains almost constant up to
2000°G. A constant value of 2.3 V/ m""^  C  ^ is used in all
calculations, with a resulting error of about 10% between
1000°C and 1200°G, Future calculations will use the more
complex expression; the temperature distribution must then
be solved numerically.
Uranium monocarbide also obeys a 1/(A+BT) conductivity-
temperature relationship (Fulkerson et al, 1970) with an
—1 —1essentially constant conductivity, k = 20 W m G above
800°G, However, experimental results on the effect of the
addition of plutonium are as yet inconclusive, but it is
indicated that plutonium reduces the conductivity. It was
—1 —  1therefore decided to use a constant value of k = 17.3 W m C , 
Thermal Creep
The thermal creep behaviour of UOp can be split into a 
low stress region, where the creep rate is proportional to 
stress, inversely proportional to the square of the grain 
size and with an activation energy of about 90 Kcals/mol, and 
a high stress region where the creep rate is proportional to 
stress to a power 4 and an activation energy of 140 Heals/ 
molmol (Bohaboy and Evans, 1970; Harpies end Hough, 1970), 
Plutonium content increases the creep la.te by an order of 
magnitude for the first 10%, but only by a factor of 2 for
B1
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for the present calculations as it describes creep in the
p
stress range 0-30 MN/m and is largely unaffected by tempera­
ture up to 1450^0. Thus, for the calculations the following 
creep relation was chosen: .
c (day1) = 1 .bx 1 <r(GN/m^)exp(-90x 10^/RT) (B.1)
for (Uq gPUg 2)82 M^th a grain size of 20p.
Only a limited amount of work has been done on the creep 
of sintered (U,Pu)C, but the creep rates of sintered and 
arc-cast UC slightly carbon rich are proportional to a stress 
to power 2, This stress dependence was chosen and an activa­
tion energy and creep constant were estimated from the data 
on that v/as available (Killey, King and Hedger,
1971),
t(day’‘b  = 4 .6 4 x  10“''^ ^(GK/m^)exp(-100x 10^ A t ) . (B .2 )
Irradiation Creep
Recent published work (Brucklacher et al., 1970;
Clough, I97O; Perrin, 1971) has established that the 
irradiation creep rate of UOg is proportional to stress and 
fission rate. There is also little evidence of a tempera­
ture effect until thermal creep becomes significant. At 
these temperatures Perrin (I97l) has found an increased ther­
mal creep rate, but as such an effect is hard to explain 
theoretically and there is a possibility of a change in 
stoichiometry in the specimen it will be ignored in this 
assessment. No results have yet been obtained in (U,Pu)02, 
so the irradiation creep rate will be assumed to be the same 
as for UOgZ
i(day“’') = 6x 10“'’^R(W m“^)<r(GN/m^). (B.3)
Clough (1970) has measured the creep rate of a slightly 
carbon rich UO specimen in-pile and found that the creep rate
- B2
Hence the creep relation for UO^ given above will also be 
■used for carbide calculations.
Swelling in nuclear fuels involves a very complex set 
of phenomena, ranging from contributions of solid fission 
products to the nucléation, growth, migration and release of 
gas bubbles. The simplest gas bubble growth model assumes 
that bubbles nucleate at a fixed number of sites and then 
grow, accumulating gas but absorbing vacancies to maintain 
internal gas pressure equal to the surface forces on the 
bubble (Greenwood et al., 1939). If the gas in the bubble 
can be considered ideal then:
(B.U)
where N is the number of bubbles per unit volume, m is the 
gas yield per fission, ) the surface energy, and P the fission 
density. Harrison (1969) used this model, corrected for gas 
non-ideality and for temperature dependent bubble nucléation, 
to describe the swelling of UC, This treatment is in good 
agreement with experimental values, but to enable it to be 
included in the calculations an explicit relation is required. 
For burn-ups above 2x10^ MWd/t the swelling is proportional 
to ( B u ) 1 a s  would be expected from Eq. (B.4), when the 
bubbles are larg.r they become more nearly ideal. It is 
therefore assumed that the above burn-up dependence holds and 
that the temperature dependence can be well described by a 
cubic relation. The swelling equation below was fitted to 
Harrison's results at 5x10^' MV/d/t:
±
—  = R(\Vm "^)[1 .26x 10"1-^  + )-)^ (i .38% 10"1 T
3x10'
Q o  3 (b «3)
- 2.43x10 '^ T"^ 4-1.33x10 T^)].
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When the above expression gives swelling rates below i,26x 
-1310 R it is replaced by that value. It was also assumed 
that no gas is released in the conditions of operation of 
carbide fuel.
Unfortunately swelling in oxide fuel cannot be 
described so simply. It is now thought that the role of 
gas bubbles on grain boundaries is the most important feature 
and this is further complicated by the resolution of gas by 
fission fragments, A semi empirical method will therefore 
be used to approximate oxide swelling. It will be assumed 
that gas atoms reach the grain boundaries by diffusion at a 
rate proportional to (D)^, where D is the diffusion coefficient 
of gas atoms in the fuel. It has been suggested that the 
activation energy for gas ion diffusion is greatly decreased 
by the fission environment (Findlay, 1971) and a value of 
20 Kcals/mol was chosen, rather than the more usual out-of­
pile value of 70 Kcals/mol, Once the gas reaches the 
boundary it is assumed it is incorporated into a fixed 
number of bubbles which grow in the same manner as that des­
cribed in Eq. (B.h).
~  = Con8t(Bu)°'^^T°'^5g^p(_^Qy2^.RT) (B.6)
— Ô
where Q = 20 Kcals/mol and Const was fixed at 3.24% 10 
using a value of 2% swelling (0.8% of which is for solid 
fission products) for 2x10^^ fissions/cm^ (6.6x10^ ivIWd/t) 
at 1300°C (Ritzman et al., 1970). Gas release is simulated 
by a function 1/exp(a^Av/V- a^ ) where a^  and a^ were adjusted 
to make release appreciable at about 5% swelling and almost 
complete at 15%, Volatile fission products are assumed to 
be released with the gas, so the swelling rate is given by:
[1 + exp(40AV/V- 4.8) ]
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This function is compared with the empirical sv/elling
functions used by Boltax (l970) and Merckx (1970) at a
A l±burn-up of 9x10 ^ MWd/t in Fig. B.1.
B.2 Clad
The most comprehensive set of fitted creep and swelling 
data for 316 type stainless steels has been compiled by the 
Westinghouse Electric Corporation (Boltax et al., 1971),
The Westinghouse data is used here with some modifications.
In particular accumulated neutron dose is replaced by the 
iron-equivalent displacement damage (Nelson, 1969); 1 diS’-.
placement/atom in half Nelson units being equivalent to 
1.7x10^"' neutrons/cm^ in EBR-II.
Thermal Creep
At temperatures above 550^C the creep rate of 316 stain­
less steel is proportional to stress to a power between 3 and 
3, depending on history. Howevtr, the whole range of interest, 
300-900°C, can be covered using a creep relation of the type 
e = A exp(-Q/RT) [sinh(ccr/T) ]^ . (B.8)
The values of the constants are for creep rate per day 
Solution treated 20% Cold worked
A 7.08x10^5 1,572x 10’^
Q 111x10^ eals/rnol 88.8x10^
C 2.9x10^ l|..35x10^ '
n 6.371 1.0.
.atio]
The irradiation creep rate per day for both solution 
treated and cold worked stainless steel will be given by: 
ê(day”b  = 8 .1 x 1 0"^exp(l .1+05 - 0.0027T) o-(GR/m^)D (B.9) 
where D is the number of displacements/atom each day.
This expression is in good agreement with the low tempera­
ture irradiation creep rates found by Mosedale (1969).
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The primary creep has been ignored as it is small for fast 
reactor neutron doses. More significant is a ’hydrostatic 
creep’ term given by Boltax (1971) and discussed by Gilbert 
and Blackburn (1970), which would be larger than the more 
usual volume conservative creep. This has also been omitted 
as the author is not satisfied that the effect has been 
effectively separated from swelling of the specimens under 
irradiation.
Stainless Steel Swelling
The swelling of 20% cold worked 316 stainless steel 
will only be considered and this is given by the relation­
ship
1“ = 1 ,35x l0“^^(Dx 1 .7x 10^ "' "5+1 ‘^m.,020- 3.712X
10“^(r- 273) + 1 .01i+x 273)^- 7.879X
(T- 273)^]. (B.10)
B.3 Fuel-clad Interface
—1 —1The clad thermal conductivity was taken as 20 W m C . 
Howevf:r, the temperature drop across the fuel-clad interface 
is more important as it can be as high as 300°G. The inter­
face thermal resistance is affected by: the pin filling
gas (usually helium), released fission products, and the 
interfacial pressure, Stora (1964) has found that an inter­
face resistance of 2 x 1 0"^ C m^ for a UOp-stainless steel
interface holds for a wide range of conditions and this value 
is used in the calculations.
B7
APPENDIX G
Stress Directed Diffusion in UC
In many two component materials, where each component 
diffuses independently, one component diffuses faster than 
the other. When such a material is subjected to a driving 
force to direct the diffusion, e.g. a stress or temperature 
gradient, a concentration gradient must be set up which will 
slow the fastest species and increase the diffusion flux of 
the slowest. This is most marked in ionic solids where an 
electrostatic field is set up opposite a relative concentra­
tion gradient of the two types of ions (Pryer, 1969).
Uranium monocarbide and other metallic carbides, nitrides, 
etc., are good conductors and have a finite range of existence. 
This Appendix treats these types of solid. The stoichiometric 
composition of the compound is assumed to be equal propor­
tions of each component, but the analysis can easily be 
extended to other ratios.
It will be assumed that only vacancies are responsible 
for diffusion and each component remains on its own lattice.
An imaginary reaction controls the stoichiometry of the com­
pound and the equilibrium concentration of vacancies of 
type a.
The concentration of vacancies of type b is then controlled 
by the Schottky process,
If 61 hydrostatic stress is applied a new equilibrium is reached, 
W a W b  = < a < b  expC-n^o/KT), (0.3)
where . is the volume of Schottky defect. As no
Ci
cross diffusion is possible the tracer diffusion coefficient 
can be defined separately as :
" ^ a^a^a^va^a
where f is the jump correlation factor, the jump distance, 
{3^ the geometry factor and -9^ the jump frequency (Shewmon, 
1963) and similarly for component b.
In the presence of a stress and concentration gradient
the flux of vacancies for each species is
p a ^ v  R  I T _ a a va r 
~  ' n  L'
k f i V V a
  " ' d a  ]
° a h a  „  r d f f i l  ü lÜ lv a i /r. u)
, ®bdb r"b8r%üc grad R^^
■ w c  ‘  ’
which can be obtained by using the argument of Fryer (19&9) 
or using a chemical potential gradient approach. Taking
the gradients of Eqs. (C,2) and (C,3) we. have : 
grad N , 0 _grader grad N
“ 7 ^  = - - O s -------- 7 0 " '
This allows the gradient in vacancy concentration type b 
to be eliminated from Eq. (C.b).
4 b  = ^  (C.7)
^b 8  ^vavb
If an equilibrium concentration distribution is to be main­
tained, the flux of species a must equal that of species b. 
Thus the concentration gradient type a can also be eliminated 
from Eqso (C.4) and (0.7).
J ^ ™ ™ d h l k l a 4 b    ,grad_CT; (g g)
02
The difference between the normal and local vacancy con­
centrations will be very small so the effective diffusion 
coefficient will be
h  = (C.9)
If, for example, is much greater than then 
B -
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